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ABSTRACT
 
This thesis presents the results of a study of total-pressure and
 
velocity circumferential distortions in an axial-flow fan. Distorted
 
inlet flow is an important problem to the turbomachine designer because
 
nonuniform or distorted flows cause noise, vibration, a reduction in
 
efficiency, and also a reduction in the stability limits for a multi­
stage compressor. Some of the sources of a nonuniform flow which are
 
often unavoidable are wakes from upstream struts, sharp bends in the
 
inlet ducting, flow separation in the inlet, and vortices created by
 
ingesting fluid Trom a boundary layer.
 
The present study was conducted to provide some of the fundamental
 
experimental data needed to understand distorted flow phenomena as
 
affected by design and operating variables. The flow through an isolated
 
rotor was examined at various operating conditions with six different
 
distortions and three different blade stagger angles. Circumferential
 
surveys were conducted upstream and downstream of the rotor using five­
hole probes in the non-nulling mode. The measurements with the five­
hole probes yielded the axial, circumferential, and radial components
 
of velocity, and the total and static pressure.
 
The total pressure and axial velocity distortion data were analyzed
 
to determine the degree of distortion attenuation as a function of blade
 
stagger angle, mean incidence angle, and reduced frequency. The results
 
indicate that, for the rotors tested, the mean incidence or loading has
 
very little effect on the distortion attenuation. However, the attenua­
tion was influenced by the blade stagger angle and the reduced frequency.
 
The increased attenuation with increased reduced frequency was
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significantly large, which is an important observation since present
 
day theories do not predict this response. The total pressure losses
 
due to the distorted flow are also briefly presented and discussed.
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CHAPTER I
 
INTRODUCTION
 
1.1 Significance of Flow Distortions in Turbomachinery
 
A turbomachine is a device which transfers energy to or from a
 
moving fluid by means of rotating vanes or blades. Small fans and
 
pumps are common types of turbomachines found in many applications.
 
Pumps, compressors, and turbines are also involved in many industrial
 
processes as well as in propulsion and electric power generation. As
 
the need and use of turbomachines has increased to the present-day
 
level, a tremendous amount of engineering development has accompanied
 
this increase so that today's turbomachines are relatively efficient
 
and reliable. As this development continues, one problem, which is
 
important to the designer and currently being investigated by many
 
organizations, is the problem of nonuniform flow entering the turbo­
machine. One aspect of this problem, specifically, the response of an
 
axial flow fan subjected to circumferentially distorted inlet flow, is
 
examined in this study as a function of rotor design variables. This
 
type of information is hoped to be of particular value to the jet air­
craft engine designer, to whom the problem of distorted inlet flow is
 
very serious, because many of the conditions under which the aircraft
 
engine must operate will result in distorted inlet flow.
 
The sources of distorted inlet flow are numerous. Wakes from
 
upstream blade rows or struts are one form of distortion; This type
 
of distortion, however, can be minimized by proper design of the up­
stream struts. If the inlet duct is curved, distorted flow can also
 
be created by induced secondary flow as the fluid traverses the bend,
 
2 
or if the curve is sharp enough, flow separation may occur, which will
 
create a severe velocity defect. This type of distortion can usually
 
be avoided or minimized at the design operating condition by proper
 
inlet design considerations. However, many types of distortions which
 
cannot be avoided are encountered with jet aircraft engines due to the
 
many different conditions under which the engine must operate.
 
When an aircraft performs a maneuver with large angles of attack
 
or large yaw angles, severe flow distortions may result from either
 
flow separation in the engine inlet, or simply from flow interaction
 
between the engine and the aircraft itself. At low speed and high
 
power, the engines of supersonic aircraft may also be subjected to a
 
severe flow distortion caused by flow separation from the sharp edged
 
entrance which is designed for supersonic flight. In addition to
 
these, all types of jet aircraft can encounter distorted inlet flow
 
when on the ground by ingesting large vortices which are created by
 
the engine as it ingests air from the boundary layer near the ground.
 
When the wind is blowing, a large boundary layer is present near the
 
ground, and the vorticity in this boundary layer is concentrated into
 
a large vortex at the engine inlet. A similar type of vortex can be
 
generated by aircraft with aft-mounted engines such as the DC-9 or
 
Boeing 727. During takeoff when the plane is moving slowly, the
 
boundary layer on the body is large and this air is drawn to the engine
 
creating a vortex [1]*.
 
All of the possible sources of distorted flow were not discussed
 
above. However, from the ones mentioned, it is obvious that although
 
Numbers in brackets refer to entries in the List of References.
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uniform flow might be preferred, it is not obtainable in all situations.
 
Some of the problems associated with nonuniform flow can be examined
 
by referring to Figure 1. This figure shows a two-dimensional view of
 
a blade row with sinusoidally varying inlet flow. Also shown on the
 
figure are velocity triangles drawn at regions of high and low velocity.
 
From these velocity triangles, it is readily seen that the flow relative
 
to the blades is continuously changing in both magnitude and direction.
 
When analyzing the effects of the fluctuating velocity from a simple
 
quasi-steady viewpoint, it is seen that the changes in the relative
 
velocity will result in fluctuating lift and drag forces on the air­
foils. These fluctuating forces will in turn cause vibration and also
 
generate noise. Vibration of the blades may mean the weight of the
 
blades may have to be increased in order to meet endurance stress
 
requirements, while, particularly in aircraft engines, weight should
 
be kept to a minimum. Noise from aircraft engines is also an important
 
problem presently being considered by government and industry. If
 
compressor designs which are more tolerant to distortions or which
 
attenuate the distortion in the early stages of the compressor could
 
be developed, one source of noise in the engine could be reduced.
 
Decreasing the noise at the source would also have the advantage of
 
reducing or eliminating the weight increasing acoustic absorbers which
 
ara presently used to lower the radiated noise level.
 
The preceding quasi-steady approach reveals two of the problems
 
which are associated with inlet distortions--vibration and noise.
 
However, it is also important to realize from an engineering standpoint
 
that predicting the fluctuating forces using a quasi-steady analysis
 
would not be accurate. Since with many distortions the flow relative
 
V4
 
V×x max 
U
 
Figure 1. A two-dimensional view of a cascade showing the effect
 
of a sinusoidally varying inlet flow on the relative
 
velocity at the leading edge.
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to the blades is changing too rapidly for steady-state conditions
 
to be reached or even approached, the entire flow phenomenon must be
 
considered from an unsteady viewpoint. To further complicate any
 
prediction techniques, the flow around a particular reference blade
 
will have induced effects from the flow around the neighboring blades
 
which is also unsteady and usually out of phase.
 
Besides the problems encountered because of the fluctuating
 
forces, distorted inlet flow will also have an adverse effect on a
 
compressor or fan's performance. Once again employing a simplified
 
approach, this effect can be studied. The parallel compressor theory,
 
which will be discussed in more-detail in Chapter III, will be used
 
for this purpose without going into detail on the assumptions and
 
conditions which must be true for this theory to be valid. Figure 2
 
is a typical fan performance curve for incompressible flow. In this
 
figure, the non-dimensional pressure rise is plotted versus the non­
dimensional flow rate. Considering a square type velocity defect
 
which is present over a 1800 circumferential span, the section of the
 
fan which is operating in the retarded flow will operate at Point 1,
 
and the sector of the fan operating in the region of the higher
 
velocity will operate at Point 2 on the curve. The operating point
 
without any distortion, but the same average velocity, can also be
 
plotted and is located at Point 3.
 
Now, in order for the performance of the fan with distorted and
 
uniform flow to be compared, it will be necessary for an average
 
pressure rise to be computed which will indicate the overall perfor­
mance of the fan in distorted flow. The circumferential average
 
pressure rise can easily be calculated and in this case will simply
 
O 	OPERATING POINT FOR LOW-VELOCITY SECTOR 
(j 	 OPERATING POINT FOR NO DISTORTION BUT SAME 
© 	 OPERATING POINT FOR
 
HIGH-VELOCITY SECTOR
 
. - ,CIRCUMFERENTIAL 	 AVERAGED- APT 
7 - 7APT 
MASS AVERAGED 2.
.1/2 
-	
p U 
I12 p U 2 	 SECTOR 2 
I.­
360
1 	 0 CIRCUMFERENTIAL LOCATION 
FLOW COEFFICIENT, v 
Figure 2. A typical performance curve showing the various
 
operating points with and without flow distortions
 
and the reduction in performance due to the
 
distortion.
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be equal to the average pressure rise of Points 1 and 2. When this
 
value is indicated on the figure, it is seen that the average pressure
 
rise for the distorted flow is less than the pressure rise obtained
 
for uniform flow with the same average flow rate, thus indicating a
 
loss in performance due to the distortion. Graphidally, this reduction
 
is due to the decreased slope of the performance curve at the lower
 
flow rates. However, since the leveling off is caused by higher losses
 
as the incidence on the blades is increased, the reduction in perfor­
mance is, therefore, due to the increased losses on the blades when
 
they pass through the distorted sector.
 
Although the proceeding circumferential average indicates a
 
reduction in performance, since the usefulness of a fan is determined
 
by both pressure rise and mass flow, an even more useful average in
 
indicating the overall performance would take into account the different
 
mass flows in the two sectors. Therefore, defining the mass-averaged
 
pressure rise as:
 
2Tr
 
APT
 
-- V r dO
 
pU2
AP 2 X 
pU2 mass averaged 27 
V r dO 
jx
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this value for the present case is also computed and indicated on the
 
figure. The mass-averaged pressure rise is seen to lie even further
 
below the pressure rise for uniform flow, and indicates an additional
 
reduction in performance. This reduction is due to the lower mass
 
flow in the distorted sector. Although the reduction is not due to
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increased losses, and therefore does not lower the efficiency, it does
 
reduce the performance in terms of average pressure rise for a given
 
mass flow.
 
The simplified analysis just used, which is a quasi-steady, one­
dimensional approach-, has demonstrated the degradation of perfomance.
 
caused-by distorted inlet flow. Once again, however, it must be realized
 
that the flow cannot accurately be regarded as quasi-steady, and the
 
distortion interaction with the rotor will-also induce circumferential
 
and sometimes radial components of velocity making the flow three­
dimensional. Despite these factors, however, a significant reduction
 
in performance has already been-predicted and the inclusion,of unsteady
 
and two- and three-dimensional effects may cause a further reduction in
 
performance.
 
The final major problem asspciated with distorted flow is the
 
-lowering of the stability limit. It is well known that when .the
 
incidence angle and subsequently the loading on an airfoil'is increased,
 
a point is reached when the flow will separate from the suction surface
 
of the airfoil. When this occurs in a compressor or fan, however, an
 
unstable condition, either rotating stall or surge, can occur. Both
 
rotating stall and surge will result in very large fluctuating forces
 
on the blades, which may in turn severely damage the machine. In order
 
to prevent this phenomenon from occurring, the stall limit as a function
 
of pressure rise and flow rate is established and controls are designed
 
to prevent the machine from entering the unstable region of its operating
 
range. The problem, therefore, caused by distorted flow is that the
 
stability limit is lowered by the distortion, and unstable conditions
 
will occur at a higher flow rate and lower pressure rise. Since a
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margin of safety must be provided if distorted flow will be encountered,
 
the operating range must be further restricted and the peak operating
 
conditions will be lowered.
 
Although the flow encountered during surge or rotating stall is
 
very complex from an analysis standpoint, it is easy to understand why
 
a distortion would lower the stability limit. If a compressor or fan
 
is operating with its mean flow rate and pressure rise near the stall
 
region,,a distortion, which will give.rise to even higher incidences and
 
blade loading, could easily cause local stall regions and consequently
 
trigger the unstable flow conditions.
 
1.2 Previous Work
 
It has thus been demonstrated that distorted flow is unavoidable
 
and it is also detrimental to the performance of a compressor or fan.
 
However, despite the complications previously mentioned in analyzing
 
the unsteady flow around the blades, in order to design better
 
compressors and fans which are more tolerant to flow distortions, the
 
designers need methods by which they can accurately calculate the
 
unsteady forces on the blades and also the attenuation of the distor­
tion through the blade row. Some of the original work done in unsteady
 
airfoil theory was done by von Karman and Sears [2], so the unsteady
 
forces on a wing subjected to gusts normal to the chord could be
 
calculated. Since this analysis was for an isolated airfoil, Kemp and
 
Sears [3] later extended the original analysis to apply to a turbomachine
 
by including the steady effects of neighboring blades and also the
 
potential interaction with an upstream row of stators. The unsteady
 
contribution of the neighboring blades and velocity perturbations
 
10 
parallel to the chord were not included in this analysis, since it was
 
felt that these effects would be of second order.
 
Returning to the analysis of unsteady flow around an isolated air­
foil, Horlock [4] demonstrated that for highly loaded airfoils, the
 
unsteady force due to velocity perturbations in the transverse direction
 
could be of the same order as the unsteady forces due to gusts normal
 
.to the chord. His analysis, therefore, treated these velocity pertur­
bations and, when combined with the earlier analysis of von Karman and
 
Sears, allowed the generalized gust to be treated. Naumann and Yeh [5]
 
also considered isolated airfoils and were able to include the effect
 
of incidence and camber. This analysis was used to generate design
 
charts which can be used to select design parameters which will minimize
 
the unsteady lift.
 
Although isolated airfoil theory is valuable in predicting trends
 
associated with design variables, Whitehead [6] has shown that the
 
unsteady effects caused by neighboring blades are significant. White­
head's analysis, however, which was developed to analysis flutter
 
characteristics, is limited for general use since the airfoils were
 
represented by flat plates at zero mean incidence. Recently, Henderson
 
and Daneshyar [7] were able to include the unsteady contributions of
 
the entire blade row and obtain results for thin, slightly cambered
 
airfoils. The analysis also has the advantage of being of the form
 
which allows it to be applied to design problems. In other words,
 
space-to-chord ratio and camber can be chosen so as to minimize
 
fluctuating lift.
 
The preceding analyses are primarily intended for predicting the
 
unsteady forces on the blades in compressors or fans. Although these
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methods could be used indirectly to determine the attenuation of a
 
distortion through a blade row, when the blade forces are not the
 
primary concern, simpler techniques are available and widely used for
 
predicting distortion attenuation. Two commonly used methods are the
 
parallel compressor model and actuator disc model. Both of these will
 
be discussed in Chapter III with specific emphasis on predicting the
 
flows of this study. For now, however, it is advantageous to briefly
 
discuss their general use. The parallel compressor model, which is
 
the simplest model to employ, is only applicable to square-type circum­
ferential inlet distortions. Other types of distortions cannot be
 
modeled with this theory since they will violate the basic assumptions.
 
Despite the simplicity of the model, it can quite accurately predict
 
the magnitude of the distortion at the exit and also the loss in stall
 
pressure ratio caused by the distortion. Large discrepancies, however;
 
will exist between the predicted and the experimentally observed shape
 
of the distortion.
 
Actuator disc models are used when the parallel compressor model
 
is invalid and also when the distortion shape and individual blade row
 
attenuation is of primary concern. An actuator disc is a means of
 
representing a blade row by shrinking the chord to zero and concen­
trating the effects of the blade row at a single axial location. The
 
flow fields upstream and downstream of the blade rows then can be solved
 
either by an analytical solution of linearized equations or by numerical
 
methods. The performance of the blade row represented by the actuator
 
disc can be assumed to be quasi-steady, or unsteady effects may be
 
included. The type of solution and the blade row performance assumed
 
is dependent on the degree of accuracy desired and also the particular
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type of distortion phenomenon to be studied. The solution of the.
 
linearized inviscid flow equations and the assumption of quasi-steady
 
rotor response is suitable for studying distortion attenuation if the
 
distortion is small. The nonlinear equations and the unsteady response
 
must be used for largedistortions and when stall phenomena is investi­
gated. A very good summary of these types of prediction techniques,
 
which basically are used for overall performance and stability studies
 
rather than individual blade performance, is presented by Mokelke in
 
Reference [8].
 
CHAPTER II
 
JUSTIFICATION AND OBJECTIVES
 
As was previously discussed in Chapter 1, it is important for the 
designers of axialflow fans and compressors t6 kno* the fluctuating ­
forces on the blades, the attenuation of the distortion through each 
blade row, the loss in performance, and also any reduction in stability 
caused by a distortion. Theoretical pr'edictions are valuable in under­
standing distortion phenomena and also in making some design decisions; 
however, at the present state-of-the-art, theory has several short­
comings when used in the design process. For example, when trying to 
predict distortion attenuation, performance loss, or stability limits, 
methods such as the parallel compressor theory and actuator disc models 
require the steady performance of'the blade row or compressor to be 
known. Since the performance characteristics are determined by numerous 
geometric design parameters, these methods give little insight as to 
what design parameters to select in the design process. Unsteady air­
foil theories can be used for selecting design parameters to minimize 
fluctuating lift, although these methods also suffer limitations since 
they apply to lightly loaded blades and neglect viscous effects. 
To aid in the continual development of theoretical design tech­
niques, and to help bridge the gap between present-day theories and.
 
the needs of designers, experimental data of a fundamental nature which
 
demonstrate the effect of various geometric and operating variables are
 
needed. Most of the data available to date are not of this nature.
 
Extensive studies have been made on modern aircraft engines to determine
 
their response to distortions and to identify problem areas. These
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studies, however, are usually part of a continuing development program
 
aimed at determining safety limits and suggesting modifications rather
 
than providing the fundamental data needed for designing the next
 
generation of engines.
 
Some of the basic research which has been performed does examine
 
different operating conditions and different types of distortions;
 
however, the flexibility required to study the effects of design vari­
ables was not easily obtained and these data are still not available.
 
The Axial Flow Research Fan (AFRF), a facility of The Pennsylvania
 
State University's Applied Research Laboratory, was designed for the
 
specific purpose of studying unsteady phenomenon and, therefore,
 
possesses the necessary flexibility. Although the possibilities for
 
parametric variation are almost infinite, this investigation has
 
attempted to supply some of the needed information by studying the
 
effects of blade stagger angle for an isolated twelve-bladed rotor
 
(space-to-chord ratio, s/c = 0.68 at the mean radius) with different
 
steady loading conditions and various types of circumferential distor­
tions. After changing the number of blades to six (s/c = 1.35), a
 
follow-up study will incorporate the same conditions and when combined
 
with the present study will enable the effect of solidity to be deter­
mined. Various ways of determining the rotor response are available,
 
but the technique used was to simply measure the flow field upstream
 
and downstream of the rotor. The data thus obtained can be used directly
 
to determine the attenuation by the rotor and the losses caused by the'
 
distortion. The unsteady blade circulation can be indirectly obtained
 
by using the analysis of Reference [9].
 
15 
The attenuation and loss data can be used as a design guide when
 
considering these effects in the design process. It is doubtful,
 
though, whether the data can be used as design charts. Data of this
 
type could lead to design charts, -but subsequent studies examining
 
similarity (Reynolds number and Mach number effects) must be made
 
before the data can be used other than for demonstrating trends. Also,
 
although distortion attenuation is desirable since the latter stages
 
of a compressor can operate in a more uniform flow, the attenuation of
 
the distortion may not be compatible with other desirable features.
 
Abrupt attenuation may result in large losses, large fluctuating forces,
 
and an excessive amount of generated noise. This incompatibility is
 
obvious from considering that, if a total pressure deficit is to be
 
made up, there must be higher loading on the blades in the low total
 
pressure region than in the remaining area. It will, therefore, be
 
necessary to simultaneously consider all aspects of the compressor and
 
distorted flow to determine what conditions best meet the design
 
objectives. The data obtained in this investigation could be useful
 
in conducting such a design study.
 
Although specific uses of the data can be mentioned, one objective
 
of this investigation is to provide a data base to be used for a variety
 
of studies, which will contribute to the development of prediction
 
techniques or improve the basic understanding of distortion phenomena.
 
The data of the present study are readily applicable to such usage,
 
since the number of extraneous variables were minimal and the variables
 
studied were carefully controlled.
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With the justification and major objectives of this study presented,
 
it is advantageous to briefly outline specifically the steps taken and
 
the data obtained.
 
1. 	As was mentioned earlier, the technique used to determine
 
the rotor response was to measure the flow field upstream
 
and downstream of the rotor. For this purpose, five-hole
 
probes in a non-nulling mode were employed, which enable
 
total and static pressure and the three components of
 
velocity to be determined. The use of five-hole probes
 
in a non-nulling mode requires a detailed calibration of
 
the probes to be performed, and these calibrations may be
 
affected by changes in Reynolds number and the proximity
 
of a solid boundary. The first objective of the study
 
was, therefore, to obtain an accurate calibration of the
 
two probes and determine the Reynolds number and wall
 
proximity effects. The calibration of the probes and
 
the original reasons for selecting this type 6f probe
 
are discussed in Chapter IV. Additional discussion and
 
data on the probes are presented in Appendix A.
 
2. 	To determine the changes brought about by distorted inlet
 
flow, it is obviously necessary to determine the perfor­
mance of the rotor in uniform flow. The steady perfor­
mance of the rotor is also needed for making predictions
 
of the distorted flow using the parallel compressor theory
 
and the linear actuator disc model. To determine the
 
overall performance of the rotor, radial surveys of the
 
flow were conducted upstream and downstream of the rotor
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enabling mass-averaged performance parameters to be
 
calculated. Since this study is primarily concerned
 
with two-dimensional effects and the distortion data
 
were measured only at the mean radius, the steady
 
performance data for the rotor from the mean radius
 
were ufed for selecting running conditions and pre­
dicting results. Additional measurements at only the
 
mean 	radius were subsequently made to verify the
 
original results and also to obtain a more detailed
 
performance curve. The steady performance tests were
 
conducted for the three different rotor geometries
 
used 	in this study.
 
3. 	Similar to the requirement of knowing the rotor
 
characteristics with no distortion, the characteristics
 
of the distortion with no rotor is also necessary.
 
Since'the rotor will have induced effects on the
 
distorted flow upstream, it is not sufficient to only
 
determine the change of the distortion across the blade
 
row, but also the changes which occurred upstream due
 
to the presence of the rotor. The investigation of
 
this induced change requires the knowledge of how the
 
flow would have existed if no rotor had been present.
 
To provide this information, circumferential flow
 
surveys were made at two axial locations without the
 
rotor installed. The axial locations correspond to
 
those used in measuring the rotor response to the
 
distortions, one upstream and one downstream of the
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rotor location. The measurements at the two axial
 
locations without the rotor installed also provide
 
information as to how much the distortion would
 
change between the two locations due to the viscous
 
.shear flow. The distortions-studied in this phase
 
and through the remainder of the program were 1-,
 
2-, 4-, and 6-cycle sinusoidal total pressure dis­
tortions, and 90' and 1800 s4uare total pressure
 
distortions.
 
4. 	The final and major phase of the investigation was
 
conducted to determine the rotor response to the
 
six types-of distortion listed in Part 3. The effect
 
of blade stagger angle was investigated with stagger
 
.
angles of 350, 45', and'550 Blade loading was also
 
varied, which in this case, since the blades have zero
 
camber, corresponded to changing the mean angle of
 
in.1dence. 
The cases of zero mean incidence and the
 
incidence resulting in zero total pressure rise were
 
tested so the unsteady response of the rotor could be
 
examined without the contribution of steady loading.
 
These cases also provide a good comparison with
 
present day unsteady theories, since most of these
 
theories assume lightly loaded blades. For each
 
stagger angle, two additional mean incidences ranging
 
from 	6' to 140 were also tested to investigate the
 
effects of steady loading.
 
CHAPTER III 
THEORETICAL MODELING OF THE FLOW
 
Before continuing on with the experimental aspects of this
 
program, the parallel compressor and actuator disc models used for
 
comparison with the experimental results are presented in this chapter.
 
The purpose for comparing these models with the results is not to
 
verify the theories, since no new techniques were employed, and the
 
capabilities of the models used are well-known and documented in the
 
literature. The purpose of the comparison is rather to check the
 
experimental results obtained and to explain the trends the data
 
exhibit. The approaches taken are similar to the models described by
 
Mokelke in Reference [8], although, the parallel compressor theory is
 
greatly simplified by the assumption of incompressible flow.
 
The assumption of incompressible flow, just mentioned, is assumed
 
in both models as well as in the data reduction. This assumption is
 
quite justifiable in the experiments, since both the absolute flow
 
velocity and the velocity relative to the blades are quite low. The
 
average absolute velocity is approximately 67 ft/sec (20.4 m/sec),
 
corresponding to a Mach number of only 0.06. The relative velocity at
 
the mean radius for the maximum rotor speed is 152 ft/sec (46.3 m/sec),
 
resulting in a Mach number relative to the blades of 0.134. Both of
 
these values are far below the value of 0.3, which is usually used as
 
the upper limit for incompressible flow.
 
3.1 Parallel Compressor Model
 
The parallel compressor model was chosen for use because of its
 
simplicity. However, despite its simplicity, it explains certain
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trends and prov -i a foundation for subsequent improved models. 
This
 
model, as is im-._d from the name, separates the compressor with
 
distorted inlet- itw into separate compressors each with uniform flow. 
This is.shown sc$.t tically in Figure 3 where a two-dimensional repre­
sentation of a conpressor is shown in which the circumferential 
directicn is onc e again represented on the vertical axis. 
The first ft.-damental assumption of the parallel compressor model, 
as is depicted b>y the schematic, is that there is no cross flow between 
the compressors. This is not necessarily an accurate assumption, but 
for circumferentlt-t3 distortions in which the length of the distortion
 
is large compareC to the blade spacing, o-,er most of the distorted
 
sector, cross fia,'s can be neglected. The first assumption restricts
 
the use of the parallel compressor model to wide circumferential square
 
distortions. .. ...
 
In addition 4o dividing the compressor into separate compressors,
 
it is also as.ud that the model compressors have the same performance
 
as the real compr,ssflr under similar uniform inlet flow conditions. 
This assumption io nothing more than assuming that the compressor or
 
blade rows respond quasi-steadily to the distortion. 
- The quasi-steady 
assumption is valid, at least as a first approximation, if the relative 
velocity at the leading edge of the blades is not changing rapidly. 
This is obviously not the case at the edges of a square distortion, 
but steady conditions will be reached near the middle of the distortion 
if its circumferential width is large compared to the blade spacing.
 
As a consequence of the assumptions of no cross flow and incom­
pressible flow, i is 
seen that the axial velocity downstream is 
identical to the viyal velocity upstream. Additionallv. Airrn rho 
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Figure 3. 	Schematic of a compressor with a 1800 circumferential
 
inlet distortion and the parallel compressor model of
 
the compressor.
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compressor can modify the velocity, the compressor will cause this
 
Tfodification at the entrance to the flow channels of the model. With
 
jhis effect on the far upstream flow field, it is impossible to specify
 
'a axial velocity at the entrance, and, consequently, only the total
 
?.ressure at the entrance, which is not affected by the compressor, is
 
known. Without the velocity being known, however, the operating points
 
6' the parallel compressors are unknown. To determine the operating
 
pqints, an additional boundary condition must be specified, and, for
 
this reason, it is assumed that the static pressure at the exit of the
 
Compressor is uniform. In terms of the parallel compressor model,
 
this means all parallel compressors exhaust to the same static pressure.
 
For many types of fans and compressors, the assumption of constant
 
ggatic pressure at the exit of the last blade row is valid. However,
 
g pointed out by Greitzer [10], the validity of the assumption depends
 
on whether the distortion is steady when viewed from a reference frame
 
attached to the last blade row. Also, another component downstream of
 
thje compressor may alter the static pressure field and invalidate the
 
a sumption. For systems where the distortion is steady with respect
 
t0 the last blade row and no downstream components exist near the
 
Compressor exit, the assumption has been shown both mathematically and
 
ejperimentally to be valid.
 
The nature of the static pressure at the exit of a compressor can
 
b@ understood from a simple physical explanation. For the case where
 
jio downstream components are present, it must first be realized that
 
fgr downstream, the streamlines will be parallel and the static pressure 
will be constant. It is also known from abundant cascade data that over 
a fairly wide range of inlet flow angles, the flow will leave a -lade 
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row at approximately the same angle. Therefore, if the flow is steady
 
with respect to the exit blade row, the flow leaving the blades will
 
be at a constant angle and the streamlines will be parallel. The
 
parallel streamlines at the exit and the conditions far downstream imply
 
that the static .pressure must also be constant at the blade row exit.
 
Conversely, if the flow is unsteady in the blade row reference frame,
 
the flow angles will not be constant in the reference frame of the
 
distortion. Therefore, the resulting streamline curvature will bring
 
about a change in the static pressure. Since the static pressure far­
downstream i constant, there must be a nonuniform static pressure dis­
tribution at the compressor exit.
 
The assumption of constant exit static pressure completes the 
modeling of the compressor, and the performance in distorted flow can 
now be predicted if the operating characteristics of the fan or com­
pressor are available. Figure 4 is a typical performance curve of a 
fan for incompressible flow, which will be used for demonstrating the 
model. The parameter on the vertical axis is slightly different from 
the conventional (pT exit - PT inlet )/ pU2 with the static pressure at 
the exit replacing the total pressure at the exit. A performance curve 
of this type simplifies the calculations, since the static pressure at 
the exit is constant, and AT as defined on the figure is simply equal 
to the difference in dimensionless pressure between the spoiled and 
unspoiled sectors at the inlet. 
The mean flow coefficient, which must be known, supplies one of 
the relationships between j and 4z by its definition: 
4I 6 + 62 (27 - 6) 
, 
(2)mean 27r 
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Figure 4. Performance curve for demonstrating"the-parallel
 
compressor theory.
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where 8 = angle of the distorted sector (radians), and
 
* = v /U = flow coefficient. 
Subscripts 1 and 2 refer to the model compressors
 
shown on Figure 3.
 
An additional relationship is provided by the performance curve which
 
can be mathematically written as:
 
Ps exit- PT inlet f (.3)
 
2
 
U
0

Equation (3) can be written for both 41 and *2,and when the two
 
equations are subtracted, a final equation relating the size of the
 
distortion to 01 and 42 is obtained:
 
AT= - PTI)inlet = f(6) - f(42) (4)p15 2 
Equationa. (2) and (4) can now be solved simultaneously to deter­
mine *i and 4z, which will define the operating points of the two model
 
compressors. To determine the functional relationship of Equation (3),
 
the steady data from the Axial Flow Research Fan were represented as a
 
function of the flow coefficient using first and second order poly­
nomials. The total pressure measured upstream and downstream of the
 
rotor was represented by second order polynomials, while the circum­
ferential velocity component downstream was represented as a first order
 
polynomial. The curves were fit using a least squares technique, and
 
the resulting representation of the data was found to be very good.
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With the assumptions of the parallel compressor model, it is known
 
that the axial velocity cannot change, the circumferential velocity
 
component upstream of the rotor is zero, and the radial velocity com­
ponent is zero everywhere. The three polynomials mentioned above, thus,
 
-completely describe the steady uniform flow upstream and downstream of
 
:the rotor. The reason only the total pressure and circumferential
 
velocity component were used to represent the performance was to obtain
 
performance curves which are consistent with both the Bernoulli equation
 
and the restrictions of the parallel compressor model. In the experi­
mental data, slight changes in the axial velocity did occur across the 
-rotor, and small radial velocity components were present. 
- - The coefficients from the three polynomials can be combined to 
obtain an equation for V. This equation is then used to obtain an 
explicit -form of Equation (4). 4.i and 4z are then solved for 
-algebraically. 
: With the operatingpoints known, the static pressure at the exit
 
is determinei.from calculated values of P and the known inlet total
 
pressure. The total pressure at .the exit is determined from data of
 
-

"(PTexi
t - PT inlet )kpu2 vs 4. The two remaining quantities, Ps inlet 
and v0 exit , are calculated from known quantities using the Bernoulli 
equation, thus completely specifying the flow field upstream and down­
stream of the rotor. 
It is well-known and documented in the literature that the parallel 
compressor model predicts the amplitude of a distortion at the exit of 
a compressor quite accurately. However, large discrepancies usually 
exist between the predicted and measured shape of the distortion. This 
is due to the flow redistribution which occurs in the real situation 
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which cannot be accounted for by the parallel compressor model, since
 
no cross flow can exist between the parallel compressors.
 
It is seen from the parallel compressor analysis that the axial
 
velocity is determined by the performance characteristics of the rotor,
 
as well as the mean flow coefficient and the size of'.the totil pressure
 
distortion at the inlet. The axial velocity, except under very special
 
circumstances, will be modified by the presence of the rotor. The
 
parallel compressor model requires this modification to occur at the
 
inlet as was previously discussed in regard to the boundary conditions.
 
In reality, however, the modification will occur near the rotor. For
 
an incompressible fluid, a change in axial velocity will require the
 
stream tube to converge or diverge depending on whether the flow
 
decelerates or accelerates. The resulting streamline curvature will
 
result in induced circumferential components of velocity which will
 
alter the flow incidence on the blades in a asymmetric manner. The
 
parallel compressor model cannot account for this variation and, hence,
 
the poor prediction of the distortion shape results. Near the center
 
portion of the distortion, the circumferential components are negligible
 
and the amplitude is accurately predicted in this region.
 
3.2 Actuator Disc Model
 
To overcome the restrictions of the parallel compressor model and
 
to obtain a more accurate prediction of the distortion shape, it is
 
necessary-to model the flow upstream and downstream of a blade row
 
without any artificial restrictions imposed. The approach taken with
 
this model is to solve the basic flow equations involved after a few
 
simplifying assumptions have been made and the equations have been
 
linearized. The blade row is represented by an actuator disc, which
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is obtained by assuming the chord length of. the blades is zero. The
 
actuator disc, therefore, concentrates the effects of the blade row
 
at a single location, and the changes in the flow field across the blade
 
row are thus represented by a discontinuity. -Since a discontinuity
 
cannot exist in a real flow system, the regions divided by the actuator
 
disc must be treated as separate flow fields. The boundary conditions
 
at the actuator disc are specified by the matching conditions for the
 
blade row performance. In this case, it is assumed the blade row
 
responds quasi-steadily, and the response is a continuous function of
 
the local incidence. A list of these and other necessary assumptions
 
is 	as follows:
 
1. 	Incompressible flow.
 
2. 	Two-dimensional flow.
 
3. 	Steady flow.
 
4. 	No body forces.
 
5. 	Inviscid flow.
 
6. 	The amplitude of the velocity distortion is small
 
compared to the average axial velocity.
 
7. 	Blade row is represented as an actuator disc.
 
8. 	Quasi-steady blade row response.
 
The first five assumptions are used to simplify the Navier-Stokes
 
equations to a form which can be linearized and solved analytically.
 
Assumptions 1 through 4 are justified since the flow under consideration
 
approximates these conditions very closely. The fifth assumption is
 
also justifiable, even though a non-uniform flow is a viscous shear
 
flow. Due to the low viscosity of air, the change in the distortion
 
velocity profile caused by viscous effects through the distance
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considered is negligibly small compared to the effects caused by the
 
blade row. Therefore, viscous effects upstream and downstream of the
 
blade row can be neglected. Viscous effects are accounted for in the
 
blade row by loss data which are included in the rotor performance.
 
After applying the first five assumptions, the following three
 
basic equations are obtained:
 
x-momentum equation
 
( vVx x 3Ps (P --(+ Vx x ax 
r x~xo
 
O-momentum equation
 
ye_3 Ve av0 
V a3(6) 
r 8 x x r 3e 
Conservation of mass equation
 
1 - + 2 0. (7) 
Using the preceding equations, the necessary non-dimensional
 
linear equations are derived in detail in Appendix B. Therefore, the
 
details will not be repeated here, however, the important steps will
 
be outlined. To linearize the equations, the velocity components and
 
the pressure are first represented as the sum of the circumferential
 
mean value and a perturbation quantity.
 
Ps = PS + PSI (8)
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vVx =vx +v (9) 
and
 
v = V + v (10)
 
.After introducing Equations (8), (9), and (10) into Equations
 
(5), (6), and (7), each term can be expanded. The key assumption for
 
this linear theory is now applied. Assumption 6, which implies that
 
vx << vx and v. << vx , allows second order terms to be ignored. It
 
is also possible to ignore all terms containing derivatives of the
 
average quantities, since the basic equations for the average quanti­
ties reveal that these derivatives are zero. After eliminating these
 
terms, linear partial differential equations result. For convenience,
 
the static pressure is then replaced by the total pressure, using a
 
form of the Bernoulli equation written in terms of the average and
 
perturbation quantities. After non-dimensionalizing the equations,
 
the following final equations result:
 
x-momentum equation
 
(l1)
2a x- 6 = - , 
ae ax ~ ax 
where a­
x 
0-momentum equation
 
Dv' 3VP
 
o (12)
26 _t PT 5e 3x"
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Conservation of mass equation
 
w; 3V­
+ x = 0. (13) 
Equations (11), (12), and (13) are solved by first assuming the
 
solutions can be represented as a Fourier Series. The solution
 
obtained in this manner is, therefore, essentially a separation of
 
variable approach, since the solution is represented as the product of
 
a function of X and a function of 8. The Fourier Series is expressed
 
in complex notation, where it is understood the real part of the
 
complex number represents the physical quantity. Since the quantities
 
considered are perturbation quantities, the term of the summation for
 
n = 0 is zero and can be dropped. This simplifies the manipulation of
 
the equations because division by n is possible. The equations
 
expressing the solution in this form are as follows:
 
inO
 
PT' = 2 Z Rn(X)n (14)
 
ni
 
v = E S (X)e (15) 
V n= n(1 
and
 
ine (16)
V Z Tn (X)e 
n-_l
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After substituting Equations (14), (15), and (16) into Equations
 
(11), (12), and (13), three ordinary differential equations result
 
which must be solved simultaneously. 'The summation signs must be
 
dropped from these equations so a solution can be found for particular
 
values of n. The three ordinary differential equations are:
 
d T (X) d R (X) (17) 
in S (X)- nn 
n dX a dX 
d T (X) 
in S(X)n in R (X) (18)n dXn
 
and
 
d S (X)
in T (X) + n 0 . (19) 
dX 
The terms on the left-hand side of Equations (17) and (18) are
 
identical. Thus, subtracting these two equations will eliminate Sn 
and T n yielding a simple first order ordinary differential equation 
of Rn . This equation can be solved easily for Rn .
 
dT
 
After R is known, n in Equation (18) can be eliminated using
 
n dX
 
Equation (19) and a second order nonhomogeneous ordinary differential
 
equation results. This equation can also be solved using conventional
 
techniques for a solution for S n The solution for S is then differ­
n n 
entiated and substituted back in Equation (19), yielding an equation 
which can be solved algebraically for T , completing the solution of 
the system of ordinary differential equations. The expressions for
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Rn, Sn, and Tn are substituted back into Equations (14), (15), and (16),
 
and after expressing the constants in a convenient manner, the following
 
equations for P', V', and V' are obtained:
 
Tx6
 
PT = 2(1 + a
2 ) Z 
n 
A 3 e eO ,ax (20)
 
n1l n
 
ni-e-inax in
 
-nx + )e (21
V E (Ae -A 2 e 

X n=1
 
and
 
nx -x -inax in . 
=
V 2 (Alnie + A2 ie + A3nae )e (22)

e rel= n 
The complex coefficients A1 , Azn, and A3 are determined from the
 
n' n n
 
boundary conditions. Since the flow fields upstream and downstream of
 
the disc must be treated separately, there is a total of six coefficients
 
for each n that must be determined. Figure 5 is a schematic of the flow
 
fields with the coordinate system and the boundary conditions labeled,
 
which will be helpful in the description of the boundary conditions.
 
Two of the constants, A2nix < 0 and Anix > 0, are equal to zero,
 
since the velocity perturbation at plus and minus infinity must be
 
finite. The values for A3nix < 0 are also known from the specified
 
total pressure distortion. The remaining three constants, therefore,
 
are specified by the matching condition at the actuator disc. The three
 
conditions imposed at the disc are: (1) constant axial velocity, (2) a
 
specified total pressure change which is a function of the local inlet
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0+0-
X=-0 X=O X=+o 
Figure 5. Schematic of the actuator disc and surrounding flow fields, with the boundary
 
conditions indicated.
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conditions, and (3) a specified change in V which is also a function 
of the inlet conditions. The first condition can be expressed simply 
as V0 V0 and V 0 . The other two matching conditions
x0- x 0+ x0
 
are functions of the inlet flow conditions, with the functional
 
relationship prescribed by the blade row performance. The blade row
 
performance is usually determined from experimental data.
 
Since the solution to the partial differential equations was made
 
possible by linearizing the equations such that an infinite series type
 
solution was possible, the boundary conditions must also be represented
 
in a linear manner so these conditions can be added in a similar fashion.
 
The performance of the blade row, which was determined experimentally,
 
must therefore be represented in a form such that the equations relating
 
the inlet conditions to the exit conditions are linear relations.
 
The relationship for the change in the circumferential velocity
 
component is based on the fact that the relative angle of the flow
 
leaving a blade row is approximately constant over small ranges of
 
relative inlet flow angle. In this case, a linear relation is assumed
 
to exist between the tangents of the relative inlet and exit flow angles,
 
with the tangents being used to facilitate the introduction of the
 
velocity components into the equation. The slope and the intercept in
 
the equation is determined from the experimental data. For the data of
 
this study, one line was shown to fit most of the data very well.
 
However, for less linear data, a straight line can be fit through the
 
local region of the performance curve in which the blade row will operate
 
while in the distortion.
 
Before introducing the necessary equation, Figure 6, which is a
 
two-dimensional representation of a blade row and the velocity triangles,
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Figure 6. 	Two-dimensional representation of a blade row with
 
the velocity triangles at the inlet and exit indicated.
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is provided to define the angles used and identify the various velocity
 
components involved.
 
The required relationship relates the tangent of B2 to the tangent 
of $1- This can be written in the following form, where m and b are ­
the slope and intercept of the straight line representing the data: 
=
Tan 2 m tan Bi + b .(23)
 
Referring to Figure 6, the tangents can now be replaced by the
 
-velocity components. It should be noted, that velocity components
 
represented in the figure are total components, the sum of the average
 
and perturbation quantity:
 
0 -m 0 + b (24) 
v 0+ 
-x
 
For an ncompressible flow, vx = Vx + vx thus, v can be 
removed from the denominator by multiplying through by- v. The velocity
 
components can also be broken into their average and perturbation quan­
tities. After expanding each term and introducing the dimensionless
 
velocity components, equating constant and fluctuating terms provides
 
the two necessary equations. One equation relates the average swirl
 
(a) to the inlet conditions, and the other specifies the exit condition 
for V . The two equations are: 
e­
=-(1-rn) - b (25)
 
V 
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and
 
W (26)
V mV, - . 
80+ O-
Two similar equations must also be found for expressing the change
 
in total pressure across the disc. In this case, it was found convenient
 
to express the change in terms of an ideal total pressure rise calculated
 
from the velocity components using Euler's pump equation and an experi­
mentally determined total pressure loss across the blade row. The total
 
pressure loss is a function of the inlet conditions. However, for the
 
changes in inlet conditions encountered with the distortions of this
 
study, the loss can be assumed constant. An equation expressing the
 
above conditions in terms of the dimensionless variables is as follows:
 
.V ) -APL .(V (27)P pV +_2 
0 0- v V0 0 P x 
This equation can also be expanded by introducing the average and
 
perturbation quantities. Once again equating constant and fluctuating
 
terms, the two desired equations are obtained. V 0 has been dropped
 
since, in this case, it is equal to zero:
 
+pT0+ = TT - 2 U a - APLoss (28) 
0 0 v 
and
 
S p + 2 U (V;o -V o)"(9T + T - 0 (29) 
0 00 0 
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The preceding equations complete the derivation of all the
 
necessary equations. Evaluating Equations (20), (21), and (22) at
 
= 0 and x =0 for a constant value of n, yields six equations, 
three for each side of the disc. These six equations can be combined 
by applying the matching conditions previously derived, resulting in 
three equations which can be solved simultaneously for the remaining 
three unknown complex coefficients. With all the coefficients known, 
the solution is complete. 
The only calculations necessary are those required for evaluating
 
the complex coefficients for each harmonic. This requires computing
 
the Fourier coefficients for the known total pressure distortion, and
 
then calculating the other coefficients from the known values of A3n
 
and the performance parameters.
 
CHAPTER IV
 
PROBE SELECTION, CALIBRATION, AND USE
 
4.1 Probe Selection and Description
 
The selection of five-hole probes for the measurements of this
 
study was based on several important reasons. A few of these reasons
 
become apparent if the types of measurements made and alternate measuring
 
techniques are considered. To begin with, the flow through the rotor
 
is unavoidably three-dimensional. Although two-dimensional effects are
 
the primary consideration, it is advantageous to measure the three­
dimensional characteristics in order to verify the two-dimensional
 
assumption, or to quantify the deviation from two-dimensional behavior.
 
With variations in the flow properties in both the circumferential and
 
radial direction, local measurements of the static pressure, the total
 
pressure and the local flow direction are required. After determining
 
the total aid static pressure, the absolute velocity can be calculated,
 
and, with the known flow angles, the velocity can be broken into its
 
three components.
 
Since only time-averaged flow characteristics at a point are under
 
consideration in this study, fluctuations due to the turbulence in the
 
flow and fluctuations due to the blades passing need not be considered.
 
For this reason, a probe with a slow response can be utilized. Tradi­
tionally, the type of probe used for total and static pressure measure­
ments is the pitot-static tube. A probe similar to a pitot-static tube
 
can also be used to sense direction, as well as total and static
 
pressure. Two holes symmetrically located on both sides of the
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be measured, are necessary. A schematic of this type of probe is shown
 
in Figure 7.
 
The holes designated as 2 and 3 in the figure are used for deter­
mining the flow direction by rotating-the probe until these holes sense
 
equal pressures. When this is accomplished, the probe is aligned with
 
the flow, and the flow angle can be determined by measuring the probe
 
orientation. After the probe is aligned with the flow, total pressure
 
is measured through hole 1, and holes .2or 3 are used to obtain the
 
static pressure. This method of measuring flow angles can obviously ­
be extended to measuring three-dimensional flow characteristics by using 
a probe with two additional holes similarly located in the plane perpen­
dicular to the plane of holes 1, 2, and 3, and then also aligning the 
probe with the flow in this plane. The technique of aligning the probe 
with the flow is called nulling.. 
The justification for using five-hole probes for measuring three­
dimensional flows is understandable from the preceding considerations.
 
However, nulling a probe is not always practical, especially if nulling
 
is required in both planes. The apparatus necessary for nulling a
 
probe while still maintaining the probe's location can be very complex,
 
and sometimes spatial limitations can make nulling impossible. For
 
these reasons, calibrations were obtained for the probes used in this
 
study, enabling them to be used in a non-nulling mode.
 
The probes selected for use in the Axial Flow Research Fan were
 
commercially available United Sensor five-hole prtsm-type probes. A
 
probe of this type has a prism-shaped section cut into the side of a
 
small cylindrical section. This prism-shaped section is used to provide
 
five different surfaces on which to locate the holes, and thus improve
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Figure 7. Schematic of a three-hole probe aligned with the flow.
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the sensitivity of the device, while still containing the sensing
 
element of the probe within the cylindrical surface around the main
 
axis of the probe. The location of the holes in this manner yields a
 
probe shape which can be inserted easily through a casing wall and used
 
in studies where spatial restrictions are present.
 
An enlarged sketch of the sensing element of such a probe is shown
 
in Figure 8. This sketch reveals the geometry of the prism section and
 
the location of the five holes. In the figure, the five holes are
 
numbered for identification. These numbers correspond to the numbers
 
inscribed by the manufacturer adjacent to the take-off tubes.
 
Also included in Figure 8 is a sketch of the entire probe, which
 
is provided to show the overall construction and dimensions of the
 
probes used. It is seen from the figure that the center hole is located
 
0.25 in. (0.635 cm) from the tip. This distance is necessary to decrease
 
the probe's sensitivity to flow angle, since the flow near the tip will
 
vary greatly with flow direction.
 
The diameter of the cylindrical section containing the sensing
 
element, as shown by the figure, is 0.125 in. (0.3175 cm). This
 
diameter should be as small as possible to minimize the flow distur­
bance caused by the probe, but must be large enough to resist bending
 
when in use. To provide a more rigid instrument, the diameter of the
 
probe shaft is increased to 0.25 in. (0.635 cm), 2 in. (5.08 cm) from
 
the tip.
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Figure 8. An enlarged sketch of the sensing element and an
 
overall view of a United Sensor five-hole probe,
 
Type DA-125-12-F-10-CD.
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4.2 	Calibration and Use
 
It was previously mentioned that the five-hole probes used in this
 
study were used in the non-nulling mode. In this mode, the probe is
 
maintained at a fixed orientation with respect to a certain physical
 
reference, and the flow direction and the total and static pressure
 
are determined from the pressures measured from the five holes. The
 
computation of the flow angles and the total and static pressure,
 
*therefore, requires a knowledge of how the pressures sensed by the
 
probe relate to the true fluid pressures and the flow angles. This
 
information is obtained from a calibration process, which consists of
 
placing the probe in a known flow field and recording the probe pressures
 
as a 	function of flow angularity. The data obtained in this manner are
 
then 	expressed in dimensionless forms which eliminate the dependence of
 
the data on the absolute values of the pressures of the flow field.
 
The calibration of five-hole probes for the non-nulling mode is
 
basically simple; however, certain details should be considered.
 
First, consistent physical references on the probe for the angle
 
measurements should be selected, and the orientation of the planes in
 
which the flow angles are measured must be defined. Second, a suitable
 
means of representing the characteristics of the probes and non-dimeh­
sionalizing the data must be found. Third, if the type of probe used
 
has not been previously tested in the non-nulling mode, as in this case,
 
more than one calibration is required to prove the repeatability of the
 
probe. Fourth, effects on the calibration data caused by changes in
 
the flow field, such as variations in Reynolds number or Mach number
 
may be important, and also the effects of other operational variables
 
may want to be considered. In this case, changes caused by variations
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in Reynolds number, and the interference effect caused by the proximity
 
of a solid boundary were considered important enough to warrant
 
investigation.
 
It is obvious from the preceding list of considerations that the
 
details of the calibration process could be quite lengthy. For this
 
reason, to avoid excessive deviation from the main topic, Appendix A
 
is devoted to a complete description of the probe calibrations. In
 
this chapter, only a short summary of the basic calibration and its use
 
will be presented.
 
To begin with, it is necessary to define four pressure coefficients.
 
The yaw coefficient is used to relate the probe pressures to the flow
 
yaw angle, the pitch coefficient is used to relate the probe pressures
 
to the flow pitch angle, and'similarly, the total and static pressure
 
coefficients are used to enable the true flow pressures to be calculated
 
from the pressures from the probe. The following four coefficients are
 
therefore defined:
 
C P2 - P3 (30)

pyaw P1 - l/4 (P2 + P3 + P4 + P5) 
C p 1/4(pP5+- P 4 (1

'
 p'th=PlI/4(P2 + p3 + P4 + PS) (31)0ppitch 
- 2-p1 5
 
Cp ttalPl plP3 + (32)
p total p1 - 1/4(I (P2 + - PT P4 + P5 ) 2 
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and
 
static 1 /4(p 2 + p 3 + P4 + p5 - p (33)p static =p, - 1/4(P2 + P3 + P4 + P5) 
where the subscript numbers refer to the holes as identified in Figure
 
8, and PT and ps are the true total and static pressure, respectively.
 
Physical reasoning and additional justification for defining the pressure
 
coefficients in this manner are described in Appendix -A.
 
With the pressure coefficients defined as in Equations (30) through
 
(33), the purpose of the basic calibration is to evaluate those coeffi­
cients as a function of the flow angularity. This was accomplished by
 
locating the probes at various angles in a known flow field (known
 
direction, pT' and ps) provided by a 12-in. (30.48 cm) diameter'open
 
air jet. Typical results obtained are presented in Figures 9 through
 
11, where the calibration data for the probe used in the Axial Flow
 
Research Fan upstream of the rotor are given.*
 
Explanations for the general nature of the curves in Figures 9
 
through 11 can be obtained by considering basic fluid dynamic-concepts.
 
However, this topic is reserved for the discussion of the results in
 
Appendix A. For now, the figures will be used to explain how the
 
calibration data are applied to obtain the desired information when the
 
probes are used in the non-nulling mode.
 
The serial number of the probe used in the AFRF upstream of the
 
rotor is B-1164-1 and the serial number for the probe used down­
stream of the rotor is B-1164-2. These numbers are important,
 
since the probe data are identified by these numbers. At subsequent
 
points in this paper, the probes may be referred to as 1 or 2, which
 
correspond to the last digit of the serial number.
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Figure 9. Calibration data for Probe 1, Cp yaw versus Cp pitch 
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Figure 9, which is a plot of the yaw coefficient versus the pitch
 
coefficient, is shown to contain lines of 'constant pitch angles and
 
lines of constant yaw angles. This figure is easily obtained when
 
calibrating the probes, since the two coefficients are calculated from
 
the five probe pressures and the flow angles are also khown. I-hen the
 
probe is being used in an unknown flow field, the data of Figure 9
 
provide the relation between the probe pressures and the flow angles.
 
After calculating the yaw and pitch coefficients from the probe pressures,
 
entering Figure 9 with these coefficients enables the yaw and pitch angle
 
to be calculated by interpolating for the precise values using the grid
 
lines of constant pitch and yaw angles.
 
The interpolation procedure for determining the flow angles can be
 
easily performed on the digital computer using spline curve functions.
 
The characteristics of these functions are demonstrated by the curves
 
in Figures 9 through 11, which were generated using the spline functions
 
to obtain closely spaced values of intermediate points. It is realized,
 
however, that the quantities to be determined from the calibration data
 
are a function of two independent variables, and thus a double inter­
polation procedure is required. Using the calculation for the yaw
 
angle as an example, the first step is to enter Figure 9 with the
 
calculated value of Cp pitch and, for each line of constant yaw angle,
 
interpolate, using the spline function, the corresponding value of
 
Cp yaw" This step produces data of yaw angle versus Cp yaw . The data 
obtained from the first step can then be mathematically fitted with a 
spline curve, and, using the known value of Cp yaw ' the yaw angle can 
be calculated. The procedure for determining the pitch angle is 
similar. 
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Since the flow angles are determined from the data of Figure 9,
 
it is convenient to express the total and static pressure coefficients
 
as functions of these angles. Figures 10 and 11 represent the results
 
where Cp total and Cp static are plotted versus pitch angle with lines
 
of constant yaw angle. The total and static pressure coefficients can
 
be interpolated from these curves using the flow angles, and the total
 
and static pressure can be calculated. The interpolation procedure is
 
the same as the one previously described. A more detailed description
 
of the entire interpolation procedure can be found in Reference [11].
 
CHAPTER V 
EXPERIMENTAL FACILITIES AND PROCEDURES
 
5.1 Axial Flow Research Fan Description
 
The Axial Flow Research Fan (AFRF), which is housed in the'Garfield 
Thomas Water Tunnel building at The Pennsylvania State University, was
 
specifically designed for studying unsteady flow phenomena in turbo­
machinery. The overall dimensions of the test rotor and the facility
 
were made sufficiently large, so that the blades can be instrumented
 
or flow surveys can be made with few spacial limitations. Figure 12 is
 
a sketch of the facility, which shows the key components of the system
 
-and a few overall dimensions.
 
Basically, the AFRF is an open wind tunnel, with an annular cross
 
section, consisting of four major sections. The first section, which
 
is the entrance section, was designed to provide steady uniform flow
 
to the annulus. This section consists of a bellmouth-shaped entrance
 
and an elliptical-shaped nose on the hub. The entire entrance is
 
enclosed by a wooden framework, which is covered by a layer of foam
 
backed by an insect screen. This inlet enclosure was found to be
 
necessary to eliminate velocity fluctuations in the annulus, which were
 
probably caused by disturbances in the room where the AFRF is housed
 
[14].
 
Immediately downstream of the entrance is the section where the
 
flow distortions are generated. Here, screens for producing distortions
 
of the various types are placed against the inlet sttuts, as shown in
 
Figure 12. Downstream of the screen, a section of annulus is then
 
provided to allow small velocity variations and any static pressure
 
"I' 
 TEST-BLADE 
~DRIVE 
 SYSTEM
 
TEST SECTION
 
AUTOMATED FORFLOW-FI ELD 206.2 cmSURVEYS , 
. 
37.9 cm 
DISTURBANCE­( PRODUCING 
 /
SECIO
SECTI N
 AUXILIARY FAN 
--SUPPORT FINS 
BELLMOUTH 121.9 cm 
INLET 
24.4 cm 
-ROTOR TEST BLADES 
BEARING LOCATIONS FOR ROTATIONOF TEST SECTION CASING 
--- DISTURBANCE-
PRODUCING SCREEN 
HUB RADIUS = 12.1 cm 
INSIDE RADIUS 
OF THE CASING = 27.3 cm 
Figure 12. 
 Sketch of the Axial Flow Research Fan revealing the key components and the
 
overall dimensions.
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gradients to decrease, thus providing a smooth velocity profile of the
 
desired shape to the test rotor. The-section between the screen and
 
the rotor is also necessary to eliminate any interaction which might
 
exist between the rotor and the screen, since it is well known that the
 
rotor will alter the upstream flow if the inlet flow is nonuniform.
 
The next section is designated as the test section in Figure 12,
 
since it is here that the test rotor is located. This section contains
 
numerous access ports at different axial locations, through which probes
 
can be inserted to measure the characteristics of the flow field. The
 
entire casing surrounding this section is also free to rotate, thus
 
allowing circumferential surveys of the flow to be made. The casing
 
is driven through a worm gear by an 1800 in-ounce torque Slo-Syn motor
 
which is controlled by a Slo-Syn Preset Indexer, The controller allows
 
the casing to be rotated in increments as small as 1/80 of a degree
 
and can be indexed either manually or by an automated data acquisition
 
system.
 
In the final section downstream oftthe test section, the drive
 
system for the test rotor, an auxiliary fan, and a throttle are located.
 
The 70 horsepower motor for the test rotor is located at a sufficient
 
distance downstream, such that the noise from the motor can be isolated
 
from the rotor for studies of this nature. This length also provides
 
a sufficient distance between the auxiliary fan and the test rotor,
 
such that no interaction will occur between these components for studies
 
involving flow distortions.
 
The auxiliary fan is necessary to provide the mean flow, since
 
the test rotor is designed for zero steady loading. Although the test
 
rotor is often operated with a steady load, the auxiliary fan is usually
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necessary to provide the flexibility to obtain the desired operating
 
conditions. Either the speed of the auxiliary fan or the throttle
 
setting can be used to control the average throughflow velocity.
 
Sufficient control, however, can be obtained using only the auxiliary
 
fan and, therefore, the throttle is usually maintained in the completely
 
open position. Both the speed of the test rotor and the auxiliary fan
 
are controlled by Borg-Warner variable frequency power supplies.
 
The entire facility revealed in Figure 12 is mounted on a system 
of movable trusses. These trusses, which have wheels containing "V" ­
grooves, can be moved on the "V" shaped track, thus allowing certain 
sections of the facility to be separated to make configuration changes.
 
Particularly in this study, the facility could be easily separated just
 
upstream of the rotor, allowing the rotor to be removed for changing
 
the stagger of the blades.
 
An additional purpose served by the trusses is that they raise
 
the fan above the supporting stand, thus allowing sufficient clearance
 
for instrumentation to be rotated with the test-section casing. The
 
trusses and supporting stand together also elevate the fan to a suffi­
cient distance above the floor, such that an inlet vortex will not be
 
created. The inlet is four diameters above the floor, while an inlet
 
vortex will be created if the separation between the floor and the
 
inlet is on the order of 2.0 to 2.5 inlet diameters [14].
 
5.2 Rotor Design
 
The test rotor, as mentioned earlier, was designed to produce zero
 
steady lift. This was done for several reasons, one of which is that
 
=any of the presently available theories apply to zero .or lightly-loaded
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blades. Therefore, with the rotor designed for zero steady loading,
 
direct comparisons of the experimental results can be made with the
 
theories. Another reason for designing the rotor in this manner is
 
that it is initially desirable to study the unsteady flow effects with­
out the influence of steady loading. This reduces the number of vari­
ables. A third reason is that it reduces three-dimensional effects.
 
With the rotor operating with a mean loading of zero, the average
 
energy change across the rotor is also zero, and, therefore, no forces
 
exist to cause a radial component of velocity. This fact greatly
 
simplifies a study of unsteady phenomenon both experimentally and
 
analytically, since it allows the flow to be assumed two-dimensional.
 
For a zero steady lift rotor, the blades will have no camber.
 
Therefore, neglecting blade thickness and viscous effects, the design
 
reduces to simply specifying the blade stagger angle as a function of
 
radius which yields a zero incidence. The following equation expresses
 
this relationship:
 
Tan , (34) 
Xavg I 
where = blade stagger angle as a function of radius, 
U = the blade speed, which is a function of 
radius, and 
v = average axial velocity assumed constant atx 
avg
 
all radii.
 
The design condition was selected such that = 450 at the mean 
radius of 7.75 in. (19.685 cm). The blades have a Cl profile with 10% 
thickness, a 6 in. (15.24 cm) chord, and a 5.9 in.' (14.99 cm) span. 
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Since the blades are individually.mounted on the hub, the rotor,
 
therefore, has the flexibility of being assembled with 2, 3, 4, 6, or
 
12 blades. Only the 12-bladed configuration, however, which results
 
in a space-to-chord ratio of 0.68 at the mean.radius, was-used in this
 
study.
 
Besides being able to mount different numbers of blades, the blades
 
can also be rotated in the hub, and different filler blocks can be used
 
to obtain other blade stagger angles.' In addition to the 450 stagger
 
angle for which the blades are designed, stagger angles of 350 and 550
 
at the mean radius can also be obtained. Although, in these configu­
rations, the blades are at an off-design condition which will result in
 
three-dimensional flows, the deviation of the blade angle from a design
 
based on that particular stagger angle is not large. Therefore, the
 
three-dimensional effects should'be small, and the flow can still
 
justifiably be considered two-dimensional.
 
Although the rotor is designed for zero steady load, the rotor can
 
be operated with a steady load by setting the operating conditions such
 
that the flow has an average incidence which is non-zero. Once again,
 
this will result in three-dimensional flows, with the magnitude depen­
dent upon the amount of blade loading. Under these conditions, the
 
flow cannot accurately be considered two-dimensional, although the
 
radial velocity will be sufficiently.small such that the two-dimensional
 
assumption will not cause significant errors.
 
5.3 Distortion Screen Design
 
In order to obtain useful experimental information about the
 
response of a rotor to flow distortions, it is necessary to -be able
 
to produce distortions which have a specific size and shape. Sinusoidal
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velocity distortions are of particular interest because they are easily
 
represented mathematically and, therefore, are convenient for analyzing
 
or for comparing with theoretical predictions. Sinusoidal distortions
 
of various frequencies are also very important because they demonstrate
 
how the response of the rotor is affected by the distortion frequency.
 
As previously mentioned, sinusoidal distortions with 1, 2, 4, and 6
 
cycles were employed in this study.
 
The other type of distortion most commonly used in experimental
 
work is the square distortion. This type of distortion is important
 
because it more closely represents the type of flow distortion
 
encountered in practice. One of the primary variables of interest
 
when considering square distortions is the circumferential extent of
 
the distorted flow. This is important because the response of the
 
rotor is strongly dependent on the time a blade spends in the distorted
 
sector. The circumferential extent of a distortion also affects the
 
stability of a compressor subjected to distorted flow. In-this study,
 
900 and 180--circumferential square distortions were investigated.
 
For both sinusoidal and square distortions, the amplitude of the
 
distortion is an important parameter. All the screens used in this
 
study were designed to create a velocity distortion with a magnitude
 
equal to 20% of the mean flow velocity. This level of distortion was
 
selected because it is a significant distortion, but is still small
 
enough such that linearized theories can be used to predict the rotor's
 
response.
 
The basic concept involved in -manufacturing a screen to produce a
 
specified velocity distribution is illustrated in Figure 13 which is a
 
photograph of the four-cycle screen. The screen consists of several
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Figure 13. Photograph of a four-cycle distortion screen.
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segments of wire screen with different solidities attached to a screen
 
with a much smaller solidity for support. The various segments of the
 
screen present different amounts of resistance to the flow, resulting
 
in the desired velocity profile.
 
Although the basic idea for a distortion producing screen is simple,
 
the design process is somewhat complicated by the fact that the flow
 
will-tend to avoid the high resistance sections, and, consequently, a
 
one-dimensional approach cannot be used. For this reason, an analytical
 
solution developed by McCarthy [16] for a steady, moderately-sheared,
 
three-dimensional flow past wire screens was used to determine the type
 
of screen segments needed. This solution expresses the velocity down­
stream of the screen as a function of a flow resistance coefficient
 
which is a function of the screen solidity and weakly dependent on the
 
Reynolds number. Thus, for a prescribed velocity distribution, the
 
necessary variation of the resistance coefficient can be calculated.
 
Screen segments can then be selected which will approximate the
 
calculated resistance variation.
 
The design details for the screens used in the AFRF are presented
 
in Reference [17]. This reference also describes the characteristics
 
of the velocity profiles obtained during tests conducted to evaluate
 
the screen performance. These tests indicate that a high degree of
 
success was achieved in meeting the design criterion. The sinusoidal
 
distortions, which were Fourier analyzed, were shown to be dominated
 
by the fundamental harmonic, and the amplitudes were approximately 20%
 
of the mean velocity. Reference [17] also presents experimental data
 
on the effects of the average axial velocity, the distance from the
 
screen, and the radial position on the velocity profile measured.
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This reference may, therefore, be consulted for more details on the
 
screen characteristics. Velocity profiles obtained from the screens
 
used in this study will also be presented in the following chapter on
 
experimental results.
 
5.4 Instrumentation
 
The basic instrumentation for the measurements made in the Axial
 
Flow Research Fan is shown schematically in Figure 14. Only small
 
variations in the system shown were made for each of the different
 
types of experiments conducted. The two, five-hole probe positions
 
are identified in the figure, and a table is included which indicates
 
the distance between the probes and the blades at the mean radius. A
 
cross-sectional view of the rotor is also provided, which indicates
 
the direction of the rotor rotation and the convention used for the
 
angular location of the probes.
 
For all the tests conducted, the two probes were circumferentially
 
offset 450 from each other so that the downstream probe would not be
 
in the wake of the upstream probe. During the radial surveys and the
 
rotor steady-performance measurements made only at themean radius,
 
the circumferential locations of the probes were fixed at 292.50 and
 
247.50. These locations centered the two probes between two of the
 
three support struts located at the inlet, thus assuring the probes
 
would not be in the wakes of these struts.
 
The radial surveys were conducted using two United Sensor manual
 
traversing devices. These devices have a vernier scale which enables
 
accurate placement of the probes within one-hundredth of an inch. For
 
the other tests conducted, the probes were rigidly attached to the
 
casing with the center hole of the probes at the mean radius of the
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Figure 14. 
 Schematic of probe positions and iistrumentation.
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annulus. The circumferential surveys were conducted in 2' increments,
 
and the casing was rotated in either dire&tion. The data were then
 
put in the conventional order by the data-reduction program.
 
The pressures from the five-hole probes were the primary pressure
 
measurements made. Besides these measurements, however, two static
 
pressure wall taps were also used at various points throughout the
 
tests. Since it is not convenient to use the five-hole probes and the
 
calibration curves when setting the flow velocity, a simpler approach
 
was taken. The initial approach employed a static pressure wall tap.
 
located at Station 1-D to measure the static pressure and the center
 
hole of Probe 1 to sense the total pressure. These two pressures,
 
when applied to the opposite sides of a differential pressure trans­
ducer, enable a voltage proportional to the dynamic head to be read
 
directly on the digital voltmeter. Monitoring the voltage output, the
 
velocity can be set at the desired value. The static-pressure wall
 
tap and the additional transducer and carrier demodulator are not indi­
cated in the schematic of Figure 14, since they were not used for many
 
of the tests.
 
The technique described in the preceding paragraph was only used
 
for setting the velocity for the radial surveys and for the screen
 
performance measurements which were made with no rotor present. Under
 
both these conditions, the static-pressure gradients at Location 1-D
 
should be negligible; thus, little.error is involved when measuring
 
the static pressure from a wall tap. The velocity at Location 1-D
 
under the above conditions should be approximately axial and, therefore,
 
the center hole of the five-hole probe will read very near the true
 
value of total pressure. The wall tap and the center hole of the probe
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thus provide an accurate and convenient means for setting the velocity
 
in the initial tests. It should be emphasized, however, that only the
 
five-hole probes were used for making the actual flow field measurements.
 
During the initial tests, when the flow velocity was set using the
 
wall tap and the center hole of Probe 1, the static pressure measured
 
from a tap just downstream of the inlet was also recorded. This tap is
 
shown in the schematic of Figure 14. As shown by the schematic, the
 
tap is located far upstream from the rotor location. -Therefore, the
 
pressure sensed by the tap for all test conditions will depend only on
 
the velocity and the type of screen present, if any. With this
 
relationship, the pressure can be correlated with the velocity at the
 
mean radius or the circumferential mean velocity and subsequently used
 
for setting the operating conditions of other tests. The pressure
 
measurements from the inlet tap were, therefore, used for setting the
 
.flow velocity for the circumferential surveys involving the rotor and
 
the screens and also for the steady-performance measurements of the
 
rotor whichwere made at the mean radius.
 
All pressure measurements were made with a single transducer
 
through the use of a scanivalve, except for the additional transducer
 
which was used when setting the velocity with the differential pressure
 
between the center hole of Probe 1 and the static pressure wall tap at
 
Location 1-D. A scanivalve is simplyra switching valve capable of
 
connecting any one of several pressure tubes to a single tube leading
 
to the transducer. The use of a scanivalve simplified the data acqui­
sition considerably, since only one transducer and its calibration
 
constant need to be considered.
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The type of pressure transducers used were variable reluctance
 
differential pressure transducers. This type of transducer consists
 
of a magnetically-permeable, stainless-steel diaphragm clamped between
 
two-blocks each containing a coil. A pressure difference applied to
 
the diaphragm, resulting in a deflection of the diaphragm, causes a
 
change in the magnetic reluctance and a corresponding change in
 
inductance of the two coils. The coil inductance ratio is converted
 
to a DC output employing a simple bridge circuit and a filter. These
 
electronic components are housed in the unit identified as the carrier
 
demodulator in the schematic of Figure 14.
 
The DC output from the carrier demodulator goes into the input
 
scanner. The purpose of an input scanner in many applications is to
 
direct the electrical signals from many sources into a single voltmeter.
 
In this case, however, since only one transducer was employed, all the
 
input channels used were connected to the same transducer. The scanner,
 
therefore, only served as a control system which indexed the scanivalve,
 
reset the sqanivalve at the end of a set of readings, and also sent a
 
signal to index the casing for the circumferential surveys. The
 
voltage channeled through the scanner was then read by an integrating
 
digital voltmeter with the digital output punched on paper tape and,
 
in some cases, printed on paper sheets. The paper tape could be fed
 
into the IBM 1130 computer for reduction of the data.
 
In addition to the pressure measurements made, it was also
 
necessary to measure the angular velocity of the rotor. This was
 
-accomplished using a conventional setup involving a slotted disk which
 
rotates with the rotor, a light source, a photocell, and an electronic
 
counter. With sixty slots in the disk and a one-second sample period,
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the output from the counter reads directly in RPM. The operating
 
speed of the rotor was set at the beginning of a test and monitored
 
throughout the run to assure that the speed of the rotor did not drift.
 
5.5 Experimental Procedures
 
The experimental procedures for all of the tests conducted were
 
approximately the same. The atmospheric conditions were measured and
 
recorded, the initial run conditions were set, and the 10 probe
 
pressures and the transducer zero were recorded for each probe position
 
or running condition. Because of the similarity, a detailed explanation
 
of each experiment is not necessary, but a short explanation of the
 
tests pointing out some of the important considerations will be given.
 
For all of. the tests, except those specifically investigating the
 
effect of flow rate, the mean flow velocity in the AFRF was maintained
 
at approximately 67 ft/sec (20.4 m/sec). This velocity results in the
 
rotor operating at its design condition for the rotor turning at 1000
 
RPM. To obtain variations in incidence, the rotor speed was changed
 
instead of the flow rate and, in this way. the probes were always
 
operating in approximately the same Reynolds number range.
 
The first tests conducted were the radial surveys, which were aimed
 
at determining the overall mass-averaged steady rotor performance and
 
also the radial variations of the pressure and velocity. These tests
 
were conducted for the three rotor blade stagger angles and six values
 
of incidence. At the beginning of the tests the barometric pressure
 
and the ambient temperature were recorded. Probe 1 was then set at
 
the mean radius so that the dynamic pressure at this point could be
 
monitored while adjusting the flow rate and rotor speed to obtain the
 
desired incidence. With the desired conditions obtained, the static
 
68 
pressure read from the tap at the inlet was recorded and the probes
 
were moved to their initial positions. The input scanner was then
 
activated, resulting in the 11 voltages being automatically read and
 
recorded. At the end- of a set of readings, the two probes were manually
 
moved to the next position and the process was repeated until the
 
annulus was spanned. The radial increments used in positioning the
 
probes were smaller near the hub and casing to obtain a more-detailed
 
survey of the boundary layer. Within'one in. of the hub or casing,
 
0.25-in. increments were used, while 0.5-in. increments were used in
 
the remaining region.
 
The next tests which were conducted were the measurements of the
 
velocity field produced by the disturbance screens in the absence of
 
the rotor. For these surveys, the probes were fixed at the mean radius.
 
At the beginning of the tests, the atmospheric conditions were again
 
recorded as they were for the radial surveys. The ambient temperature
 
was also recorded at the end of the tests, since some change occurs
 
during these tests of longer duration. The velocity was set by rotating
 
the casing and probes until a maximum or minimum velocity point was
 
located. This was done, since it is much easier to locate a maximum
 
or minimum instead of the mean velocity. The flow rate was then
 
adjusted to obtain a mean velocity of 67 ft/sec, assuming that a 20%
 
velocity variation existed. With the'velocity set, the static pressure
 
from the inlet wall tap was recorded, and Probe 1 was located at 0'
 
where the measurements were initiat&d. For the circumferential surveys,
 
the entire data acquisition was automated, with the scanivalve reset and
 
the test section casing indexed at the end of each set of readings.
 
These surveys were made for the six screens employed in this study.
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The circumferential surveys of the distorted flow upstream and
 
downstream of the rotor were the next measurements made. These experi­
ments were conducted with the same procedure as were the screen perfor­
jmance measurements, except the velocity was set by adjusting the flow
 
rate until the same static pressure at the inlet wall tap was achieved
 
that was recorded for the screen performance measurements. The mean
 
-velocity which had been calculated from the reduced data of~the previous
 
surveys could then be assumed to exist.
 
The distortion surveys were conducted for the three stagger angles,
 
.ix different screens, and four values of incidence. For the rotor
 
configuration with a 550 blade stagger angle, a large amount of mean
 
swirl is put into the flow at the higher values of incidence. This
 
,largeamount of swirl, therefore, required that the probe downstream
 
of the rotor be rotated to decrease the relative flow angle and remain
 
5n the calibration range of the probes. For the two conditions of
 
'higher incidence, Probe 2 was mounted at a 200 angle to the axial
 
direction.
 
The final type of measurements made were again steady performance
 
measurements of the rotor. Since only mean radius measurements were
 
made of the distorted flow, the rotor performance at the mean radius
 
is. of primary concern. Therefore, steady performance measurements were
 
repeated with greater detail, employing smaller increments of incidence.
 
The flow velocity was maintained at a constant value by monitoring the
 
static pressure wall tap at the inlet, and the rotor RPM was varied to
 
obtain different loading conditions. The RPM was selected to obtain
 
increments in incidence of 20. The incidence was varied from a value of
 
-10.0 up to values where either the flow exit angles were out of the
 
probe calibration range or stall occurred.
 
CHAPTER VI 
RESULTS AND DISCUSSION 
6.1 Rotor Steady Performance 
The main performance characteristic of interest when describing
 
the steady performance of a fan or compressor is the relationship
 
between the pressure rise and the inlet flow conditions and rotor
 
speed. For an incompressible flow, the desired information is
 
adequately described by a relationship between a total pressure rise­
coefficient, ', defined as (pTexit- PT inlet )/ PU 2 ' and a flow
 
coefficient, 4, defined as vX /U. The pressure rise coefficient is 
often referred to as a loading coefficient, since it is related to
 
the load on the blades.
 
For a flow with a zero circumferential velocity component upstream,
 
--and assuming there are no losses, a relationship between T and 4, which
 
is obtained from Euler's pump equation, is as follows:
 
S= 2 -24tan (35)
2 

From Equation (35), it is seen that T is directly related to 4- For
 
a given rotor configuration, a2 will depend on the flow incidence and
 
thus will also be related to 4. Furthermore, the losses through the
 
blade row, which are not contained in Equation (35), will depend.
 
primarily on the incidence or 4. For these reasons, P is expected to 
be a function of 4 alone, which justifies expressing the rotor perfor­
mance in terms of these two parameters.
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The experimental data of T versus 4bmeasured at the mean radius
 
is plotted in Figure 15 for the rotor configurations having blade
 
stagger angles of 350, 450, and 55'. It is seen from the figure that
 
there are two sets of data for the rotors with 350 and 550 staggers.
 
The crosses, triangles, and octagons represent the data measured at
 
the mean radius during the radial surveys. The remaining data for the
 
35* and 550 stagger angles were obtained in subsequent tests made at
 
the mean radius only, with the purpose of providing more detail of the
 
performance characteristics and also to demonstrate the repeatability
 
-of the data. The data show that the repeatability is quite good, with
 
'both sets of data falling on the same curve. During the test at the
 
mean radius with the 450 stagger, an equipment malfunction caused one
 
-set of data to be invalid.
 
For most of the data taken in determining the steady performance
 
'bf the rotor, the flow rate was set to give an average axial velocity 
'bf 67 ft/sec (20.4 m/sec). As previously mentioned, this was done to 
-enable the wrobes to be operating in approximately tht same Reynolds 
-number range at all times. For each of the rotor configurations, how­
ever, a radial survey was also conducted with an average velocity of 
-approximately 55 ft/sec (16.8 m/sec) to check if the non-dimensional 
parameters properly described the rotor performance by reducing the 
data to a single curve. For the 35'.stagger configuration, at 4 z 1.2, 
:the two x's demonstrate the largest deviation caused b 'the change in
 
_flow rate, and the difference is seen to be quite small. Directly 
cacross from these data, the data for the 450 and 550 staggers show 
zthat the difference due to the flow rate is almost incistinguishable. 
--Although only one point was checked, from these results =d the previous 
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Figure 15. 	 Rotor steady performance data measured at the mean
 
radius.
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The pressure rise coefficient was mass averaged, since the energy
 
put into the fluid not only depends on the pressure rise, but also the
 
amount of mass given a particular pressure rise. ma' thus
 
mass avg
 
represents an average obtained by weighting the pressure rise, which
 
varies.radially, according to the flow rate at a particular radial
 
location. The integration limits employed were taken as 0.25 in.
 
(0.635 	cm) from the hub and casing walls, since these were the last
 
measurement 	stations. The integrals were evaluated numerically using
 
t

"Simpson s 1/3 rule and a mathematical spline representation of the data.
 
The average performance data are presented in Figure 16, where it
 
is represented by the symbols, along with the performance measured at
 
the mean radius, which is represented by the lines. It is seen in all
 
cases that the average performance data are slightly lower than the
 
mean radius data, but apart from this difference, the data are quite
 
similar. The lower performance is expected when the data are averaged
 
because these data include the losses in the hub and casing boundary
 
layers, higher losses due to the higher blade loading in the boundary
 
layers, and also losses due to secondary flow. The fact that the
 
difference is small, however, does further justify the two-dimensional
 
flow assumption made throughout this study.
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Figure 16. A comparison of the rotor steady performance measured
 
at the mean radius and the average performance
 
determined from radial surveys of the flow. The
 
lines represent the data at r, while the symbols
 
represent the average data.
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Figures 15 and 16 presented the performance of the rotor in the
 
most common manner. In this study, additional performance character­
istics, such as the static pressure at the exit and the circumferential
 
velocity component at the exit, are necessary for the parallel com­
pressor and actuator disc theories to be used. The losses across the
 
rotor operating in uniform flow are also important in order to predict
 
the average total pressure rise in conjunction with the actuator disc
 
model and to evaluate the unsteady losses from the experimental data.
 
For these reasons, the data measured at the mean radius with uniform
 
flow will be presented in several other forms, and the characteristics
 
of these data and their expected influence on the response of the rotor
 
in nonuniform flow will be discussed.
 
Figure 17 presents the data of the modified pressure coefficient,
 
T', versus the flow coefficient. ' was previously defined in Chapter
 
III with regard to the parallel compressor theory. The first thing
 
noticed about these data are the way the curves become increasingly
 
shorter with increased stagger angle. This characteristic can be
 
explained by examining the nature of the flow assuming'it behaves
 
ideally. By combining the Euler pump equation with the Bernoulli
 
equations written for both the upstream and downstream conditions,
 
and assuming the flow upstream of the rotor is purely axial, the
 
following equation is obtained:
 
2 v (V2 +v 2 ei) (38)
Pexit - PTinlet 
s exit e exit. x e exit) 8 
pU2 U U2 
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Figure 17. 	 Data of the modified pressure coeffiaient versus
 
flow coefficient used in predicting distortion
 
attenuation with the parallel compressor model.
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Equation (38) can be further reduced by expressing the velocities in
 
terms of the relative velocity and then introducing the relative flow
 
angle, B2:
 
2 
T' exit 2 1 (39) 
v CoS22
 
x
 
Since B2 will deviate only slightly from the blade stagger angle,
 
it is seen from Equation (39) that as the stagger is increased, '
 
will have a greater change for the same 42 change. However, as the
 
stagger is increased, the rotor must be operated at lower values of
 
in order to maintain the same incidence on the blades. Thus, with
 
the higher stagger angles, ' is found to vary less with 4, since
 
' is dependent on the square of 4.
 
The discussion on the extent of ' was presented to simply explain
 
the peculiar nature of the data and to assure that the results do not
 
.deviate from what one would roughly predicted from a theoretical
 
analysis. The extent of ', however, is unimportant when predicting
 
the attenuation of a distortion using the parallel compressor model,
 
since it is the slope of the curve which determines the influence the
 
rotor has on the flow. As discussed in Chapter III, a curve of 'V
 
versus 4 is used to determine the operating points (4 values) of the
 
rotor in the spoiled and unspoiled sectors. Rotors with curves of '
 
versus 4 with steep slopes will attenuate the axial velocity more than
 
rotors with performance curves which are less steep.
 
Differentiating Equation (39), assuming Ba2 is equal to the stagger
 
angle and thus constant, yields the following equation:
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_= (40)d (D Cos 2 
Equation (40) can be used to investigate the effects stagger angle and
 
the flow coefficient will have on the slope of the Y versus 0 curves.
 
From Equation (40), it is seen that both large values of stagger and
 
high flow coefficients will result in'a steeper slope (more negative),
 
and from the parallel compressor model will result in larger attenua­
tions of the axial velocity. The general slope characteristics of the
 
data presented in Figure 17 agree well with those predicted from
 
Equation (40).
 
The next performance data which are important are the amounts of
 
swirl put into the flow by the rotor. This circumferential component
 
of velocity, or swirl, is important because it allows the energy added
 
to the flow by the rotor or the ideal total-pressure rise to be calcu­
lated.' The Ideal total-pressure rise is required to determine the
 
losses across the-rotor, which are needed to analyze the distortion
 
data. In the actuator disc theory, the circumferential velocity com­
ponent at the exit of the rotor must also be known and related to the
 
inlet condition. This relationship is derived from experimental data.
 
In Figure 18, values of v0 exit /U measured at the mean radius are 
presented as a function of flow coefficient, with the symbols repre­
senting the individual data points. The straight lines in the figure 
are the linear representations of the data used in the actuator disc 
theory. 
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Figure 18. 	A comparison of ve exit /U versus vx/U obtained
 
experimentally and the straight line representation

of the data used in the actuator disc analysis.
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The near perfect linearity of the data in Figure 18 is the first
 
thing noticed when examining the figure. This linear nature is not
 
surprising, however, since it is well-known that the flow through a
 
blade row usually leaves nearly tangent to the blade trailing edge
 
(except for a small deviation angle), unless large blade loadings cause
 
flow separation. With the flow leaving the blades at a constant rela­
tive angle, it is easy to show that the swirl should vary linearly with
 
flow coefficient.
 
With the linear behavior of the swirl data, a means of representing
 
this performance for use in the actuator disc theory is easily obtained.
 
It is recalled from Chapter III that it was assumed that the swirl
 
added to the flow could be represented by a linear relation between
 
the trigonometric tangent of the rotor inlet and exit relative flow
 
angles [Equation (23)]. Equation (23) was then rewritten in terms of
 
the velocity components to obtain Equation (24). Since the circum­
ferential velocity component upstream is approximately zero with uni­
form inlet flow, and assuming the axial velocity is constant, Equation
 
(24) can be rewritten in terms of the parameters m and b as:
 
v exit = (l-m) -b * (41) 
U--
Note: In Chapter III, the inlet and exit conditions were denoted
 
by the subscripts 0- and 0+, respectively, since this nomenclature
 
refers to the coordinate system used in the mathematical model.
 
For the more general case of the data measured upstream and down­
stream of the rotor in the AYRF, the subscripts inlet and exit are
 
used, respectively.
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The parameters m and b were originally calculated from the com­
plete experimental data expressed in terms of tan$2 versus tanS1 . To
 
find the best line through the data, a least squares technique was
 
employed. It was found, however, that these parameters when used in
 
Equation (41) did not accurately represent the experimental data. The
 
observed difference was found to be due to the measuredchange in axial
 
velocity across the rotor, which cannot be accounted for in Equation
 
(41). It is, therefore, necessary to set vx exit = vx inlet when 
calculating the tangent of 5j and Ba from which m and b are obtained. 
When this modification is made, the values of m and b accurately 
represent the v0 exit /U data, as shown by the lines in Figure 18 which 
are obtained from Equation (41). 
The final set of steady performance data, which is needed in this
 
study, is the data of the ideal and actual total pressure rise. From
 
these data, the total pressure losses are also obtained. The steady
 
losses are needed for a reference to evaluate the losses associated
 
with the distorted flow. The ideal total pressure rise is obtained
 
from Euler's pump equation, which when expressed non-dimensionally,
 
is as follows:
 
PT ideal 2 (v exit- v0 inlet) (42) 
pU2Tideal - U
 
The actual pressure rise coefficient, ', is simply the difference
 
between the total pressure measured upstream and downstream of the
 
rotor expressed non-dimensionally as defined in the beginning of this
 
chapter. The difference between the ideal and actual pressure rise,
 
thus, represents the losses across the: rotor. A loss coefficient,
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CpTloss , is defined in this manner as it is expressed in the following
 
equation:
 
CTlos - ~PT ideal - PT actual =ideal -T (43)PTloss 1PU, ie (3 
In Figures 19, 20, and 21, the three pressure coefficients just
 
'defined are presented as a function of incidence, for the three rotor
 
-,
configurations having blade stagger angles of 350, 450 and 550,
 
respectively. Figure 20, which presents the data for the 45' stagger­
configuration, has a loss curve rhich most exemplifies the character­
istics which are expected. For this case, the losses are lowest at the
 
low values of incidence (meaning absolute values of incidence) and
 
increase as the incidence becomes larger in both the positive and
 
negative directions. The loss data for the 350 stagger configuration
 
has similar trends, but has a slght dip in the curve at approximately
 
150 incidence. For the 550 stagger configuration, the data also has a 
dip near the~end of the curve at approximately 150 incidence.
 
The dip in the loss data for the 35' and 55' stagger configura­
tions was not considered important enough for the present study to
 
warrant the additional experimentation which would be required to find
 
the cause. However, several possible causes will be briefly discussed.
 
First of all, the question must lbe answered as to whether the dip in
 
the loss curve at high incidences is a real phenomenon or an experi­
mental error. It is seen from Figures 19 and 21 that most of the
 
sudden decrease in losses can be contributed to a sudden change in the
 
ideal pressure rise, which is cai-hulated from the measured circumferen­
tial velocity components. Referring to Figure 18, where the measured
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Figure 19. 	 The ideal and actual total pressure rise coefficient and the total pressure
 
loss coefficient as a function of incidence for the rotor with a blade
 
stagger angle of 35'.
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Figure 21. 	 The ideal and actual total pressure rise coefficient and the total pressure loss
 
coefficient as a function of incidence for the rotor with a blade stagger angle
 
of 55%.
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circumferential velocity components at the exit of the rotor are plotted, 
a small dip is evident in the data of v ext/U versus 4 at the values0exit 
of 4 corresponding to the incidences where the dip is found in the loss 
curves. In Figure 18, however, the variation does not appear to be 
very significant and could easily be contributed to experimental scatter. 
Apart from experimental scatter, it is also possible a particular charac­
teristic of the five-hole probe at these operating conditions could
 
cause an experimental error.
 
Although an erroneous change in the v component could be quite
 
small and still cause the observed dip in the loss curves, the fact
 
that the dip is observed for both the 350 and 55' stagger configurations
 
and is also present in additional data not presented here leads to the
 
conclusion that the observed phenomenon is not an experimental error.
 
In this case, several other explanations are possible causes of the
 
unexpected characteristic of the loss curves.
 
It is well understood that the reason the losses increase with
 
increased incidence is the larger losses in the boundary layer on the
 
blades as the pressure gradient becomes more adverse. This trend will
 
eventually lead to flow separation and a very rapid increase in the
 
losses. With this in mind, one explanation for the observed behavior
 
in this study is that the flow initially undergoes a laminar separation
 
causing an increase in losses,, but at.higher incidence, the flow either
 
reattaches or the laminar separation is eliminated completely due to
 
the increased turbulence with the larger relative velocities at higher
 
rotor speeds. If the flow separates and reattaches downstream on the
 
airfoil, the effective shape of the airfoil will be changed which could
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result in the decrease in losses. If the flow no longer separates at
 
all at higher incidence, the losses would also decrease.
 
Reference [18] gives the lower Reynolds number limit where laminar
 
t
separation may occur as between 3 x 10 and 2 x'105, where the Reyi-olds
 
number is based on the chord length of the blades and the relative flow
 
velocity. In Figure 19, the losses first become large at an incidence
 
of approximately 9.5'. The Reynolds number .corresponding to this
 
operating condition is 2.9 x ls, which, according to Reference [18],
 
suggests that laminar separation is not likely to have occurred. For
 
the 550 stagger configuration, the losses become larger at an incidence
 
of approximately 7.50, where the Reynolds number is 4.5 x 10. 
 Laminar
 
separation would also not be expected in this case;
 
Since laminar separation probably does not occur, another possible
 
cause for the inflection in the loss curve is turbulent separation.
 
Verification of turbulent separation would require additional experi­
mentation. When considering separation-phenomena, it should also be
 
realized that the auxiliary fan in the AFRF may alter the stall charac­
teristics of the airfoils. This influence would be due to the rela­
tively constant mass flow it draws through the system, regardless of
 
the operating conditions of the test rotor.
 
6.2 	Distortion Measurements Without the Rotor Installed
 
The next phase of the experiments consisted of measuring the dis­
tortion produced by the screens when the rotor was removed. As pre­
viously mentioned, these circumferential flow surveys were conducted at
 
the same axial locations as the experiments when the rotor was installed,
 
thus providing a direct reference with which to determine the changes
 
caused by the rotor. This phase of the experiments is a step not easily
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conducted in many experimental apparatus because a mean through flow
 
often cannot be obtained without the rotor. However, the determination
 
of the flow field characteristics without the rotor is very important,
 
since the rotor will alter both the inlet and exit flows. Thus, a true
 
measure of the velocity distortion attenuation requires a knowledge of
 
the flow when the rotor is not installed. The auxiliary fan of the
 
AFRF provided the through flow for conducting this phase of the program.
 
-Typical results from this phase of the experiments are presented
 
in Figures 22 through 26. In these figures, the three dimensionless
 
velocity components, total pressure, and static pressure are plotted as
 
a function of the circumferential location for the four-cycle sinusoidal
 
-distortion. Data are presented for the two axial locations considered
 
in this study. As previously specified in Figure 14, Location I-D is
 
upstream of the rotor and Location 15 is downstream of the rotor. The
 
data for the 900 square distortion are also presented in this thesis in
 
Appendix .C,while a complete set of all data can be found in Reference
 
[19). Using'the four-cycle distortion as an example, it is seen from
 
Figures 22 through 26 that no changes occur in any of the flow proper­
ties between the two axial locations. The static pressure.is also
 
found to be circumferentially uniform at both locations, as shown by
 
Figure 26. For these two reasons, it can be concluded that any flow
 
redistribution caused by the screen occurs upstream of the measurement
 
locations, and the viscous effects due to the shearing nature of the
 
flow are not important over the short distance between the two locations.
 
Therefore, any changes observed when the rotor was installed were due
 
to the influences of the rotor alone. The fact that the velocity and
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Figure 22. 	 Dimensionless axial velocity varaion for the four­
cycle distortion without the rotor installed.
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the four-cycle distortion without the rotor installed.
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Figure 24. 	 Dimensionless radial velocity variation for the four­
cycle distortion without the rotor installed.
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pressure profiles at the two locations are identical also indicate the
 
precision of the probe calibrations and the instrumentation employed.
 
6.3 	 Distortion Measurements with the Rotor Installed and 
Comparisons with Theory 
This section presents sample distortion data from the circumfer­
ential surveys conducted upstream and downstream of the operating rotor. 
The data are presented in the form of the three dimensionless velocity 
components, dimensionless total pressure, and the dimensionless static 
pressure as a function of circumferential location for the two axial ­
measurement locations. The data for the two axial locations are pre­
sented on the same figure, similar to the manner in which the screen 
performance data were given. This enables easy comparisons with the 
data obtained without the rotor installed, and also clearly shows the 
changes occurring across the rotor. The local incidence on the blades 
as a function of circumferential location is also presented, since 
from a quasi-steady viewpoint it determines the fluctuating forces on 
the blades. 
In Section 6.4, some of the overall trends observed, such as the 
attenuation and losses as a function of design parameters, will be 
presented. The purpose of this section is to demonstrate the type of 
data which was obtained and to explain some of the more noticeable 
characteristics of the distortion shapes both upstream and downstream 
of the rotor. To aid in the explanation of the distortion character­
istics, results from the parallel compressor model and the actuator 
disc model will be compared with the data. It is again pointed out 
that the theories employed here have already been thoroughly evaluated
 
and are documented in the literature. Their present usage is simply
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as an aid in understanding the present data and is not an attempt to
 
evaluate their accuracy.
 
Since one purpose of this study is to provide a data base for
 
subsequent studies, it was necessary to document all of the data.
 
However, due. to the very large amount of data, it was-not practical to
 
document all of the data in this thesis. Therefore, a complete set of
 
data can be found in Reference [19], which includes both the screen
 
performance data without the rotor installed and the distortion data
 
with the rotor installed, In Appendix C of this thesis, the data for.
 
the 90' square distortion, without the rotor installed, are presented
 
to enable comparisons to be made with the data presented in this sectinn.
 
In Appendix D, a table of the run conditions for all the tests conducted
 
in this study is presented.
 
Sample data for the 90 * square distortion are presented in Figures
 
27 through 32. The square distortion is discussed first because the
 
two distinct sectors of the flow are convenient f6r making a physical
 
interpretation of the flow phenomena occurring. The changes in the
 
flow expected from examining data and theories in the literature are:
 
1. 	An attenuation of the axial velocity distortion upstream
 
of the rotor.
 
2. 	Induced circumferential velocity components and a circum­
ferential static pressure gradient upstream.
 
3. 	No changes in Pt upstream of the rotor but an attenuation
 
of the total pressure distortion across the rotor.
 
The 	average total pressure rise coefficient listed at the top of each
 
figure is nondimensionalized by pV avg . This definition is con­
sistent with the manner by which the pressure data were nondimension­
alized, but it differs from the coefficient used for the rotor steady

2
performance data where pU was employed.
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Figure 27. 	 Sample square axial velocity distortion data and
 
the parallel compressor and actuator disc model
 
predictions.
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Figure 28. 	 Sample V distribution data and the parallel
 
compressor and actuator disc model predictions.
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Figure 30. 	Sample square total pressure distortion data. The solid
 
and dashed lines at Location I-D are the input to the
 
actuator disc and parallel compressor models, respectively.
 
The lines at Location 15 are predicted.
 
101 
12 BLRDES RVG. FLOW COEF. = 0.883 
45 DEG. STRGGER RNGLE AVG. P-RISE COEF. = 0.055 
90 DEG. SQ. DISTORTION RVG. INCIDENCE = 3.32 DEG. 
RPM = 1094 
0.0 LOCRTION 15 
-0.5 
-
---
ACTUATOR DISC MODEL PREDICTION 
PARALLEL COMPRESSOR MODEL PREDICTION 
C EXPERIMENTAL 
> -1.0 
£-2.0
 
-3.0
 
"0.0 	 L LACRTIoN (-G
 
-0.5
a-2.5 
>-1.0
 
-N,
 
S-2.0 I i I 	 i
 
0 40 80 120 160 200 240 280 320 360
 
CIRCUMFERENTIRL LOCRTION (DEC..)
 
Figure 31. 	 Sample static pressure distribution data for a 900
 
square distortion and the distributions predicted
 
by the parallel compressor and actuator disc models.
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Figure 32. Circumferential variation of the flow incidence on
 
the blades for a 90' square distortion.
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A comparison of-Figure 27 with Figure C.1 shows that the axial
 
velocity is indeed significantly attenuated upstream of the rotor.
 
Similarly, comparisons of Figures 28 and C.2 and Figures 31 and C.5
 
show that a nonuniform distribution of V0 and ps have arisen at Location
 
1-D.
 
The total pressure distortion does not behave exactly as expected,
 
since it is found from a comparison of Figures 30 and C.4 that the
 
magnitude of the distortion at Location 1-D has increased. Although
 
the change is small, no change was expected because, from a two-dimen­
sional viewpoint, the total pressure at the mean radius can only be
 
changed by doing work on the fluid or if a change in the mixing losses
 
occurs. The rotor obviously cannot do work on the fluid (or remove
 
energy) upstream of itself. The mixing losses possibly could increase
 
due to the flow redistribution which takes place. However, the symmetry
 
of the distortion and the magnitude of the change seems to dispel this
 
idea. The most likely cause of the observed change in the total
 
pressure distortion amplitude is a radial total pressure gradient pro­
duced by the screens, followed by a radial shift in the streamlines due
 
to the flow redistribution which takes place near the rotor. Although
 
the radial shift would negate the two-dimensional flow assumption made
 
throughout this study, the change in the total pressure distortion is
 
sufficiently small so that it should not have a maj'or effect on the
 
conclusions drawn. The magnitude of the change in the total pressure
 
distortion upstream of the rotor, as compared to the change occurring
 
across the rotor, can be more easily evaluated in Section 6.4. In
 
Section 6.4, the ratios of the distortion amplitude with and without
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the rotor are plotted for the two locations. Future experimentation
 
should be conducted to clarify the cause of this discrepancy.
 
Returning now to an explanation of why the circumferential distri­
butions of Vx, Ve, PT' and Ps have the observed shapes,. the most suit­
able place t6 start is 7ith the explanation given by the simple parallel
 
compressor model. This model will be applied to the test conditions of
 
the data in Figures 27 through 32. It is recalled from Chapter III
 
that the parallel compressor model requires the assumption of constant
 
static pressure at the exit of the compressor. Although this assumption
 
is not completely legitimate for an isolated rotor [101, the assumption
 
of constant exit static pressure will be made initially, and the ramifi­
cations of the assumption will be clarified at a latter point.
 
The most important quantity to be determined in the parallel
 
compressor model is the axial velocity, since it determines all-of
 
the remaining quantities. As discussed in Chapter III, the axial
 
velocities in the two sectors of the flow are uniquely determined by
 
satisfying tfie exit boundary condition for a given mean flow rate,
 
rotor performance characteristic and distortion size. -Thus, for any
 
given rotor or compressor operating at specified conditions, the exit
 
boundary condition is the factor controlling the changes occurring in
 
the distortion. In other words, the flow will redistribute in any
 
manner necessary, such that upon passing through the rotor, the exit
 
boundary condition is satisfied.
 
The total pressure distortion which was input to the model is
 
represented by the dashed line at Location 1-D in Figure 30. The
 
quantities predicted by the model are similarly represented by dashed
 
lines in Figures 27, 28, 30, and 31. Comparing the predicted results
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with the experimental data reveals that the magnitudes of the axial
 
yelocity, total presure, and static pressure distortions are fairly
 
accurately predicted by the parallel compressor model. A major dis­
crepancy exists, however, between the predicted shapes of the distor­
tions and those measured in the AFRF. This discrepancy is primarily
 
due to the circumferential dross flows which exist in the real situation
 
but which are ignored by the parallel compressor model. The severity of
 
this restriction placed on the flow by the model is exemplified in
 
Figure 28, where it is shown that the circumferential velocity component
 
measured at Location I-D is quite significant. The parallel compressor
 
model, however, assumes this component is zero.
 
Although the parallel compressor model restricts circumferential
 
cross flows and, therefore, does not accurately predict the distortion
 
shapes, two very important points come out of this model. :The first
 
point it reveals is that the axial velocity is controlled by the exit
 
boundary condition, and, in this case, the predicted axial velocity
 
distortion magnitude is found to be reduded from what was measured in
 
the absence of the rotor. In other words, the axial velocity distortion
 
is attenuated upstream of the rotor. Secondly, the occurrence of a
 
static pressure gradient upstream of the rotor is explained by the
 
model because a change in the static pressure must accompany the change
 
in axial velocity in order that the same total pressure is maintained.
 
To get a more accurate prediction of the distortion shapes and
 
thus a better understanding of the flow phenomena occurring, a less
 
restrictive model must be employed. For this reason, the actuator disc
 
analysis was programmed, and the results obtained are represented as
 
the solid Tines in Figures 27, 28, 30, and 31. The input to the model
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was the Fourier coefficients of the total pressure distortion shown
 
for Location I-D in Figure 30. As seen from the figures, this model
 
predicts most of the qualities of the distortions very well, including

* 
the asymmetry of the axial velocity and total pressure distortions at
 
Location 15. The shape and magnitude of the circumferential velocity.
 
and static pressure distributions upstream of the rotor are also well­
predicted.
 
The actuator disc analysis has thus verified that the factor
 
controlling the shape of the distortions is the flow redistribution
 
which takes place both upstream and downstream of the rotor, but which
 
was ignored by the parallel compressor model. Starting with the con­
clusions drawn from the parallel compressor model, however, a physical
 
eiplanation of the flow redistribution which takes place can be ihade.
 
The parallel compressor model has shown that the axial velocity is
 
altered upstream of the rotor. Because of the assumption of no cross
 
flow between the model compressors, this modification of the axial
 
velocity mustoccur at the entrance to the system. Otherwise, with
 
the assumptions of the model, a change within the system would violate
 
conservation of mass, Without the artificial restriction imposed by
 
the parallel compressor model, however, it would be expected that the
 
rotor could only influence the flow a short distance upstream. There­
fore, beyond a short distance, the flow would'exist as it was measured
 
at Locations I-D and 15 without the rotor installed. This implies that
 
the axial velocity is only changed as it nears the rotor. Conservation
 
The term asymmetry (or symmetry) as it is used here and throughout
 
the remainder of this section is with respect to the center of the
 
spoiled sector and not e = 0.
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of mass for an incompressible flow requires that accompanying the change
 
in axial velocity must be a convergence of the streamlines in the region
 
where the flow is accelerated and a divergence of the streamlines where
 
the flow is decelerated. It is this convergence and divergence of the
 
streamlines which results in the nonuniform Ve distribution which is
 
measured and predicted at Location I-D.
 
The formation of the nonuniform distribution of V6 upstream of the 
rotor is more than just an interestingphenomena because the V6 distri­
butions upstream of the rotor will strongly influence the flow down­
stream of the rotor. It is observed from Figure 28 that the circum­
ferential component of velocity is not symmetrical with respect to the 
center of the spoiled sector. At the entrance of the spoiled sector, a 
positive V is present, while at the exit of the spoiled sector, V6 is 
negative. This asymmetry in V6 in turn causes a decrease in incidence 
on the blades as they enter the spoiled sector and an increase in 
incidence as the blades exit the spoiled sector. Assuming a quasi-steady 
response of the blades, the asymmetry in the incidence will result in an 
asymmetrical distribution of pT and ps at the exit of the rotor. This 
explanation is supported by the total pressure data in Figure 30. 
However, the static pressure as plotted for Location 15 in Figure 31 
is almost, uniform, and these data do not give much supporting evidence 
to the explanation. It should be remembered that Location 15 is 0.82 
chord lengths downstream of the rotor, and, therefore, some changes in 
the static pressure may occur before the flow reaches that measurement 
location. 
The possibility of flow redistribution and static pressure changes
 
occurring between the exit of the rotor and Location 15 were investigated
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with the aid of the actuator disc analysis. With this analysis, the
 
properties of the flow were predicted at three locations upstream of­
the rotor and four locations downstream of the rotor, including
 
Locations l-D and 15. The results are presented in Figure 33 along
 
with the perturbation .components of the &xperimental results previously'
 
presented in Figures 27 through 32. The scale marking on the diagrams
 
in Figure 33 represents the same magnitude as the scale in the previous
 
figures. With the high degree of agreement between the predicted and
 
experimental results for Locations 1-D and 15, strong support is given
 
for the accuracy of the predictions at the other locations. It is,
 
therefore, felt that some conclusions can be drawn from the predicted
 
results.
 
Examination of the diagrams in Figure 33 reveals that the flow
 
/ 
upstream of the rotor behaves exadtly as has been explained. Further­
more, the static pressure distribution at the exit of the rotor does
 
exhibit a large nonuniformity as expected from the asymmetrical
 
incidence on the blades. However, the static pressure gradient is
 
almost completely eliminated by the time the flow reaches Location 15,
 
which agrees very well with the experimental data. In addition to the
 
asymmetrical static pressure distribution at the exit, it is also seen
 
from Figure 33 that a large Ve distortion is predicted. The V dis­
tortion is significantly reduced at Location 15, and the reduction in
 
the V0 and ps distortions have given rise to an asymmetric axial velocity
 
distortion. This asymmetric V distribution was previously observed to
 
have differed from the parallel compressor model prediction, and the
 
redistribution of the flow which takes place is found.to account for
 
the observed shape of the distortion. All of the distortion shapes
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are thus largely -accounted for by employing simple fluid dynamic con­
cepts. The small§discrepancies which exist between the actuator disc
 
model and the experimental results can be contributed either to a minor
 
unsteady response of the blades, a local blade stall, or increased
 
turbulent mixing caused by the blades.
 
In light of the new understanding of the flow phenomena occurring,
 
the point made about the validity of the assumption of constant exit
 
static pressure in the parallel compressor model can be clarified. In
 
the AFRF, sufficient distance is available between-the test rotor and
 
any downstream component, such that the static pressure will become
 
uniform regardless or the condition at the exit of the rotor. Under
 
these conditions, the assumptJon of constant exit static pressure is
 
valid, since the only effect of the exit static pressure nonuniformity
 
is to cause a ilow redistribution downstream of the rotor. The parallel
 
compressor model ignores this redistribution anyway. The conclusion
 
can thus be made that constant exit static pressure is a valid assump­
tion even for the cases where the static pressure at the exit is not
 
uniform, provided sufficient distance is available downstream to allow
 
the static pressure to equalize. This conclusion is validated by the
 
good agreement achieved by the parallel compressor model in predicting
 
the magnitude of the axial velocity distortion, as shown in Figure 27.
 
An interesting sideline to the point about the exit boundary
 
condition is the flow response expected if the static pressure was
 
constant at the exit of the blade row. This would be approximately
 
the case if a staro- was located downstream of the rotor. Under such
 
circumstances, the flow redistribution, which for the present case took
 
place downstream of the rotor, would be forced to occur upstream of the
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stator in order that the exit boundary condition could be obtained.
 
An asymmetrical distribution of Ps and V upstream would result.
s S 
Some of the flow redistribution may take place between the rotor and
 
stator, and the remainder would have to occur upstream of the rotor.
 
Thus, Ps and VX profiles representing some combination of the profiles
S x 
shown for Locations 1-D and 15 for the present case would be expected
 
upstream of the rotor of a single stage.
 
Before concluding this section on the distortion measurements,
 
sample data for a sinusoidal distortion will be presented and briefly
 
discussed. The data for a four-cycle sinusoidal distortion are plotted
 
in Figures 34 through 39; and included in Figures 34, 35, 37, and 38 are
 
the results from the actuator disc analysis. The same type of flow
 
redistribution and distortion attenuation occurs for the sinusoidal
 
distortion as was noted for the square distortion, For a sinusoidal
 
distortion, however, linear theories predict that the shape of the
 
distortion will remain sinusoidal and not b:come asymmetrical as occurred
 
for the square distortion. The nonuniform distributions of Fs and V
 
which arise are also expected to be sinusoidal. This sinusoidal nature
 
is predominately what is found in the figures, although the imperfections'
 
in the original distortion does yield some asymmetry. The conclusion
 
that the asymmetry is due to the inability to produce a perfect sinus­
oidal distortion, rather than a nonlinear effect, is substantiated by
 
the linear actuator disz theory vhich predicts a similar asymmetry.
 
Another interesting feature to note for the sinusoidal distortions
 
is the phase relationships of Ve-D and P I-D with the axial velocity.
 
It is found that V lags the axial velocity by k cycle, while the static
 
pressure distributiou and V are in phase. These phase relationships

x 
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Figure 34. 	 Samp-le sinusoidal axial velocity distortion data 
and the actuator disc-model predictions. 
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Figure 35. 	 Sanple V6 distribution data and the actuator disc
 
model predictions for a four-cycle sinusoidal
 
distortion.
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Figure 36. Sample VR distribution for a sinusoidal distortion.
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Figura 37. Sample sinusoidal total pressure distortion data.
 
The solid line at Location l-D is the input to the 
actuator disc analysis. The line at Location 15
 
is predicted.
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predicted by the actuator disc model.
 
117 
12 BLRDES RVG. FLOW COEF. = 0.907 
45 DEG. STRGGER RNGLE RVG. P-RISE COEF. = 0.071 
4 CYCLE DISTORTION RVG. INCIDENCE z 2.58 DEG. 
RPM = 1073 
30.01
 
S' 20.0­
0 
C 
:z 10.0
 
0 40 60 120 160 200 240 280 320 360 
CIRCUMFERENTIL LOCRTION (D0G.) 
Figure 39. 	 Circumferential variation of the flow incidence on
 
the blades for a four-cycle sinusoidal distortion.
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are exactly as would be expected by following the same physical
 
reasoning used to explain the flow redistribution occurring for the
 
square distortions. Similar conclusions are drawn by examining the
 
equations for the linear actuator disc model.
 
The final characteristics of the data requiring further considera­
tion are the discrepancies.between the results from the actuator disc
 
analysis and the experimental V and P distributions at tocation 15.
 
x T
 
Figures 34 and 37 show that the predicted amplitudes of the V and P
 
x TZ
 
distortions remaining downstream of the rotor are significantly larger
 
than those found experimentally. Similar discrepancies between the
 
results from a quasi-steady linear actuator disc analysis and sinusoidal
 
distortion data measured in a four-stsge, low-speed compressor were
 
investigated by Moielke [20]. For this investigation, he developed two
 
additional actuator disc mooels, one including the unsteady blade %
 
response and the other including turbulent mixing. Using these models,
 
Mokelke concluded that the main reason for the discrepancy was due to
 
turbulent mixing and not an unsteady blade response. It is felt a
 
similar conclusion can be made for the present data; however, it is
 
pointed out that no decay in the distortion amplitude was found between
 
Locations l-D and 15 when the rotor was not installed. Therefore,
 
additional turbulent mixing must be caused by the rotor, which is most
 
likely to be due to-the turbulence in the blade wakes.
 
6.4 	Distortion Attenuation and Unsteady Losses
 
The purpose of this section is to examine some of the overall
 
trends ob3erved in the distcrtion data as a function of the screen type 
and rotor operating parameters. However, because of the large amount 
of data associated with the objective of providing a data base for 
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subsequent studies, it is not possible to examine all of the distortion
 
characteristics in this thesis. For this reason, 6nly the attenuation
 
(or amplification) of the axial velocity and total pressure will be
 
discussed, and the total pressure losses caused by the distorted flow
 
will be presented. An attempt has been made to point out the most
 
significant parameters involved, which should be an aid in conducting
 
.future studies in these areas. Additional analytical and experimental
 
studies will probably be reqnired to explain some of the characteristics
 
of the data and td obtain a full understanding of the flow processes
 
occurring. A full understanding of the data is needed if the data are
 
to be used in a practical application. For the attenuation data given,
 
comparisons cre made with predicted results from the actuator disc model.
 
The discrepancies between this theory and the data give an insight as
 
to what flow or rotor cnaracteristics should be investigated in the
 
future to fully understand the distorted flow phenomena.
 
- Beginning with the topic of distortion attenuaLion, it is first 
realized that in order to quantify the attenuation, a means of repre­
senting the distortion amplitude must be selected. One method of
 
quantifying the size of a distortion is to represent the data as a
 
Fourier series, so that the amplitudes of the various harmonics can be
 
examined and compared. Following this approach, the dimensionless
 
axial velocity and total pressure data were Fourier analyzed by computing
 
the coefficients of a conventional Fourier series using a numerical
 
integration scheme. The coefficients of the series were then converted
 
to an amplitude and phase so that the data could be represented in the
 
following form:
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pT v A 
____x o 
nv2 + Z A sin(n6- . (44)x avg - Or x avg n=1 n 
Figure 40 contains plots of the amplitudes, A , of the dimension­
less total pressure and axial velocity distortions versus the harmonic 
number, n, for a four-cycle distortion. Three sets of data are 
presented on each graph, one set describes the distortion without the 
rotor installed, while the other two describe the distortions at 
Locations I-D and 15 when the rotor is operating. This type of plot 
is useful for demonstrating the harmonic content of the distortion and 
for identifying the dominate harmonics. The figure also shows how each 
harmonic is affected by the presence of the rotor. As expected for the 
four-cycle distortion, Figure 40 shows that the fourth harmonic is very 
dominate, and, thus, the amplitudes of the fourth harmonics can be used 
to describe the distortion size. Similarly, the furdamental harmonic
 
of the one-, two-, and six-cycle sinusoidal distortions can be used to
 
represent their distortion amplitudes.
 
Plots similar to those in Figure 40 are presented for a 900
 
distortion in Figure 41. In this case, it is found that the first
 
two harmonics are significant. Although both of these harmonics could
 
be used to analyze the attenuation of the square distortion, no single
 
parameter from the Fourier series can be used to properly represent the
 
distortion size. For this reason, the amnlitudes of the square distor­
tions were defined in terms of the maximum and minimum values, as
 
represented by Equations (45) and (46):
 
jOv x avg minAT PT max -P (45)
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Figure 40. 	 Dimensioniess total pressure and axial velocity
 
harmonic amplitudes as a function of the harmonic
 
number, n, for a four-cycle distortion.
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and
 
-- " V -V 
x max x min (46) 
x x avg 
These definitions may appear to be an obvious choice, since for a
 
perfect square distortion, the amplitude, A, is simply the difference
 
in magnitude between the unspoiled and spoiled sectors. However, it
 
is necessary to define "A" with the maximum and minimum values because
 
downstream of the rotor, the distortion is no longer square. This fact
 
is exemplified iD Figures 27 and 30 of the preceding section, where it
 
is found that the data at Location 15 no longer resemble a square
 
distortion.
 
For both the sinusoidal and the square distortions, the attenuation
 
is represented as a ratio of the distortion amplinude with the rotor
 
operating to the amplitude of the distortion without the rotor installed.
 
With the data presented in this manner-, this ratio normally ranges from
 
a value of 1, indicating no attenuation, to a value of 0, indicating
 
the distortion was completely eliminated. Values greater than I mean
 
that the distortion was amplified.
 
Figure 42 presents the attenuation for the four-cycle distortion
 
in the form of the amplitude ratio of the fourth harmonic versus the
 
circumferential average incidence. Both the axial velocity and total
 
pressure amplitude ratios are presented for both locations, with the
 
* 
The distortion measured without the rotor installed'theoretically
 
represents the distortion which would exist far upstream of the
 
rotor or at negative infinity. Therefore, the nomenclature employed
 
uses the subscript -- to identify this distortion amplitude.
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three lines for each loration indicating various blade stagger angles. 
It is seen from the figure that both the total pressure and axial 
velocity attenuation are not strongly influenced by a -change in 
incidence, or mean blade loading. This independence is probably because 
the performance characteristics of the rotor are very nearly linear. 
There is a slight increase in attenuation with increased incidence for 
the rotor configurations having 350 and 45' blade stagger angles, but­
a slight decrease in attenuation with increased incidehce is observed 
for the 550 stagger angle.
 
The most important characteristic of the data revealed in Figure
 
42 is that the blade stagger angle has an important influence on the
 
amount of attenuatin realized downstream of the rotor. The rotor
 
configurations with the higher blade stagger angles produce a larger
 
attenuation of both the total pressure and axial velocity. The increase
 
in attenuation of the total pressure istortion with increased stagger
 
angle is partially a quasi-steady response due to the steepening of
 
the pressure rise versus incidence performance curve which occurs for
 
the higher stagger angles.
 
To help obtain a better understanding of the data in Figure 42,
 
the amplitude ratios of a four-cycle distortion, as predicted by the
 
actuator disc model, are presented in Figure 43. For the axial velocity,
 
Figure 43 shows that the attenuation is largely independent of incidence,
 
and the effect of an increase in stagger is an increase in the amount
 
of attenuation. These general characteristics are the same as those
 
observed in the experimental data; however, there is a large difference
 
between the magnitudes of the attenuation predicted and that which was
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Figure 43, 	 Distortiur amplitude ratio versus incidence predicted
 
by the actuator disc model for a four-cycle 'iscortion.
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measured. The effect of stagger angle is also much less significant in
 
the predicted axial velocity attenuation.
 
The most noticeable characteristic of the predicted data is the
 
response of the total pressure. In this case, the amplitude ratio is
 
found to increase at the higher incidence, and the effect of increased
 
stagger is reversed from the effect it causes at the lower incidences.
 
For the 550 staggdr, a significant amount of amplification is even
 
predicted. From a quasi-steady, inviscid, one-dimensional approach,
 
this amplification seems unrealistic because the higher incidences in
 
the lower axial velocity regions will result in a larger total pressure
 
rise in these regions. Thus, the total pressure defect should be
 
reduced. However, the actuator disc analysis is a two-dimensional
 
model and, therefore, it is concluded that.the induiced circumferential
 
velocity component has a dominating role at higher incidence and stagger
 
angles.
 
The reason for the dominating role of V60- can be understood by 
examining the matching conditions across the actuator disc. In 
Chapter III, Equation (26) expresses the exit condition of V , and 
Equation (29) expresses the change in P t t across the rotor. Combining 
these two equations, it is found that: 
P T P T0 2 -0e[(m-l) V - V- ]. (47).
- x0
 
x
 
Substituting the numerical values of m and b for the 550 stagger
 
configuration into Equation (47) yields:
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- = 2 U [-0.88376 V 1.34096 Vo (48) 
V .0x 
It is initially not apparent from Equation (48) why Ve5- should
 
cause an amplification of the total pressure distortion, It must first
 
be realized, however, that Vx and 6 - are e-cycle out of phase, and
Ve
0 0 
V,' and PT,- are in phase. For this reason, the effect of Vx0 is to
0o
-'0
K0 
decrease the amplitude of tte total pressure distortion, as expected, 
from a one-dimensional, quasi-steady approach, while the effect of 
- is to create a new distortion 1 cycle out of phase'with the originalv6 
distortion. At the higher incidence and blade stagger angles, where
 
U/v is large, the total pressure distortion created by Ve5' is larger
 
-"than the original distortion, resulting in an apparent amplification
 
of the distortion. Although the experimental data do not reveal any
 
,amplification of the distortion downstream of the rotor, it is seen
 
from Figure 42 that the attenuation decreases (an increase in the
 
amplitude ratio) with increased incidence for the 55' stagger configu­
ration. It is also observed that the attenuation for the 350 stagger
 
configuration levels off at the higher incidences. Therefore, it is
 
felt that the convergence of the attenuation lines for the three
 
different stagger angles is explained by the actuator disc theory.
 
Thus far, the trends in the experimental data have been explained
 
by a quasi-steady, two-dimensional, inviscid approach. The discrep­
ancies between the magnitudes of the predicted and measured results can,
 
therefore, be contributed to either an-unsteady blade retponse or a
 
viscous effect. Although Mokelke [20] ccncluded for this test configu­
ration that tu:rbulent mixing was the cause for the additional observed
 
attenuation, future experimental work should be conducted to verify the
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point. As mentioned in the previous section, it.is- felt that the
 
tubulent mixing must be a result of the blade wakes, since no signifi­
cant mixing was observed between Locations l-D and 15 without the rotor
 
installed.
 
Another discrepancy observed for both the axial velocity and total
 
pressure distortions is that the lines of constant stagger angle are
 
farther apart i the experimental data than in the predicted results.
 
This occurrence does appear to be consistent with the possible causes
 
of the magnitude discrepancy because, at higherstagger angles, the dis­
tortion frequency increases with respect to the blades, and also, higher
 
blade loading will result in larger wakes. Thus, at higher stagger
 
angles, both the contribution from the unsteady blade response and
 
turbulent mixing could increase.
 
The final thing to be pointed out in Figure 42 is the change in the
 
total pressure distortion amplitude upstream of- the rotor. Possible
 
causes for this phenomenon were suggested in the preceding section.
 
For the sinusoidal distortions, the variation is not significantly
 
large and the mean amplitude ratio is approximately 1.0. Therefore, th
 
variation in pT should not alter the validity of these results.
 
From the data from the four different sinusoidal distortions, the
 
variation in the attenuation was found to be much greater as a function
 
of distortion frequency than the variat±on observed with changes in
 
incidence angle. Therefore, the remaining data for the sinusoidal
 
distortions will be presented as a function of the reduced frequency,
 
which is a dimensionless frequency parameter defined as:
 
Vc 27 c U ~ sing (49) 
M2W 2 N Z 
li mn 
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This definition stems from unsteady aerodynamic theory and is seen to
 
consist of the distortion frequency, V, the blade chord, c, and the 
mean relative velocity, W . As was done in Equation (49), v can be 
replaced by 2zrU/Z resulting in the term U/W . For lightly loaded 
blades, Wm is parallel co the blade chord, and U/Wm can then be approxi­
mated by the sine of the blade stagger angle. Although the blades are 
not always lightly loaded, w is defined as Tc/Z - sing throughout this 
study. As a physical interpretation of w, it can be shown that the
 
reduced frequency represents the number of distortion cycles across the
 
blade chord.
 
Figures 44 and 45 present the amplitude ratio of the total pressure 
and axial velocity distortions versus w for two constant values of 
incidence, i = 00 and i = 100, respectively. Similar to Figure 42, 
data for the two axial locations and the three stagger angles appear 
on each graph. It is seen from both Figures 44 and 45 that an increase
 
in reduced frequency increases the attenuation of the'total pressure and
 
axial velocity distortions downstream of the rotor.
 
The current actuator disc analysis can give very little insight into
 
the attenuation changes observed with increases in reduced frequency,
 
since a quasi-steady blaae response is assumed. With the quasi-steady
 
assumption, no variation in the total pressure amplitude ratio with w
 
would be predicted. However, the analysis does predict a variation of
 
An/A for the axial velocity because the axial velocity changes with
 
x and the rate of changa is a function of n or w. The predicted magnitude
 
and slope of A /A

nn, 
for the axial velocity upstream of -the rotor does
 
agree very well with the experimental results. However, this is the only
 
characteristic of the data explained by the actuator disc theory.. The
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large increase in the distortion attenuation with w is, once again,
 
contributed to unsteady effects or turbulent mixing. The fact that the
 
attenuation is very strongly dependent on w is an important conclusion
 
of this study, since no current theoretical analyses can predict this
 
response. It should be noted that at the highest value of W for the
 
55' stagger angle the distortion has been almost completely eliminated.
 
The stagger angle is found to have a significant effect on the
 
distortion attenuation for i.= 0*, as shown in Figure 44. For i = 100,
 
however, the effect of stagger has been diminished. The decreased
 
effect of stagger is associated with the convergence of the constant
 
stagger angle lines in Figure 42, which was previously explained using
 
the actuator disc analysis. For this rotor, the higher incidence angles
 
negate the difference associated with the stagger angle.
 
The last sat of attenuation data to be presented is the amplitude
 
ratios of the total pressure and axial velocity distortions for the two
 
square-shaped inlet distortions tested. These data are presented in
 
Figures 46 and 47 for the 900 and 1800 distortions, respectively. The
 
total pressure distortion amplitude is defined by Equation (45), and the
 
velocity distortion amplitude is defined by Equation (46). Tbe data on
 
the figures are presented with the lines representing the same parameters
 
as they previously represented for the sinusoidal distortions.
 
Similar to the data for the sinasoidal distortions, the effects 
of incidence on the attenuation are very small. It is also found that 
the stagger angle does not significantly affect the attenuation. However, 
the main observation which can be made from Figures 46 and 47 is the 
influence of the circumferential extent of the distortion. . It is seen 
that the magnitudes .f the axial velocity amplitude ratios are quite 
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similar for both the 90' and 180' square distortions. The total
 
pressure amplitude ratios downstream of the rotor also have approxi­
mately the same magniiude. However, it does appear from the figures
 
that the 900 total pressure distortion was attenuated more than 180'
 
distortion because the amplitude of the 900 distortion upstream of the
 
rotor has been amplified. Due to the hypothesized three-dimensional
 
flows involved in amplifying the inlet distortion, it cannot be inferred
 
fr6m these data, however, that a larger attenuation will always be
 
observed for smaller width distortions.
 
The last data to be presented describe the total pressure losses
 
which are caused by the nonuniformity of the inlet flow. This study was
 
not primarily intended to obtain this type of data; thus, an explanation
 
for the losses cannot be made. The data will simply be presented for a
 
future reference. From the data given, however, the importance of the
 
unsteady losses is apparent, and additional research in this area is
 
warranted.
 
For steady uniform flow, the losses across a blade row have been
 
thoroughly investigated and are well-documented in the literature [18].
 
These losses can be contributed to skin friction and pressure drag on
 
the blades, skin friction on the casing walls, secondary flows caused by
 
turning a flow with velocity gradients, and losses due to tip clearance
 
effects. For unsteady flow. however, very little loss data exists.,
 
References [21], [22], and [23], which investigated unsteady losses in
 
a turbine cascade, have shown that the losses due to the unsteadiness
 
can be very significant. In some cases, the Thsses in unsteady flow
 
were twile as large as the losses measured in steady flow.
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From a quasi-steady viewpoint, higher losses are expected with a
 
nonuniform inlet flow because of the higher incidence angles experienced
 
by the blades in the low velocity regions. Local regions of flow
 
separation may even be caused by the rapidly changing relative flow
 
angles near the leading edge or the blades. From an'unsteady vi~w~oint,­
additional losses may be caused by the vortex shedding associated with
 
the unsteady circulation on the blades. The unsteady pressure distri­
bution on the blades will also affect the growth and stability of the
 
boundary layer. It is expected that the effect of the unsteadiness on
 
the boundary layer will be frequency dependent.
 
In Section 6.1, the total pressure loss coefficient for steady flow
 
was defined by Equation (43). The same definition will be used to repre­
sent the unsteady losses Jn this section, except that the circumferential
 
average values of PT and v8 are used. A ratio is then formed from the
 
unsteady loss coefficient and the steady loss coefficient at the same
 
mean incidence. This ratio calc-lated from the data for the sinusoidal
 
distortions is presented in Figure 48 as a function of reduced frequency.
 
It should be noted that the reduced frequency for steady uniform flow
 
is zero.
 
In Figure 48, it is found that the unsteady losses are highly
 
dependent on the reduced frequency. It is also observed that the
 
unsteady losses reach a ma:imum at low values of reduced frequency and,
 
in some cases, the peak unsteady losses are greater than three times the
 
losses in steady flow. Kirillov et al. [22] observed a similar peak at
 
low frequencies, but in their case, part of the cange with respect to
 
frequency was due to a change in the flow nonuniformity as the frequency
 
changed, Additional experimental and analytical work is required to
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identify the causes of the unsteady losses and to explain the dependency
 
on frequency.
 
For the square distortions, the unsteady losses in most cases were
 
found to be much greater than the losses in steady flow. However, no
 
consistent trends in the losses were observed with respect to changes
 
in blade loading, TV-dth of the distortion, or stagger angle. Because
 
there are no observable trends, the validity of the loss data for the
 
square distortions is questioned. A radial shift in streamlines, which
 
is suspected in causing the amplification of the square distortion
 
upstream of the rotor, could seriously affect the lods measurement made
 
at only one radius and, thus, yield misleading results. In a flow where
 
a radial shift in the streamlines occurs, radial and circumferential
 
surveys of the flow are required, and the data should then be energy or
 
mass averaged. A mass average could have been used in. calculating the
 
unsteady losses for the sinusoidal distortions, but with the radial
 
variations unknown, the additional complexity in the calculation was
 
not justified. Future studies with regard to the proper averaging
 
technique should be conducted.
 
CHAPTER VII
 
SUMMARY, CONCLUSIONS, AND RECOMMENDATIONS FOR FUTURE RESEARCH
 
7.1 Summary and Conclusions
 
A systematic study of the effects of blade stagger angle, mean
 
loading, and distortion characteristics on the flow fields upstream
 
and downstream of an isolated rotor has been conducted. One objective
 
of this study was to provide a data base which demonstrates the effects
 
of the above parameters. The data base is to be used in future studies
 
conducted to obtain better understanding of distortion phenomena and
 
to improve current prediction techniques. This objective has been met,
 
and a complete set of the data can be found in Reference [19]. The
 
study has also revealed several key parameters affecting distortion
 
attenuation anI unsteady losses, which should provide guidance for
 
conducting futuire experimental and analytical studies where they will
 
yield the most beneficial results.
 
The following specific conclusions can also be made from the
 
research conducted with the isolated rotor:
 
1. 	The incidence or mean loading was found to have very
 
little effect on the distortion attenuation. This is
 
probably partially due to the linearity of the steady
 
performance characteristics of the rotor. For a rotor
 
with a non-linear performance curve, the influence of
 
blade loading ;ould probably be more significant.
 
2. 	Increasing the blade stagger angle (E) or increasing
 
the reduced frequency (w) were both found to result
 
in an increased attenuation of the sinusoiaal
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distortions. At the higher values of incidence,
 
however, the effects of stagger angle are minimal.
 
'it 	should also be noted that the stagger angle is
 
contained in the definition of w, and an increase
 
in will increase w. The stagger angle, therefore,
 
appears to play a double role, and it may be a very
 
important parameter influencing the attenuation of
 
a distortion. It is not known from the present
 
study, however, whether is a governing factor
 
in the influence w was shown to have on the
 
attenuation.
 
3. 	The measured attenuation of the sinusoidal distortions­
was found to be much greater than the attenuation pre­
dicted by an .inviscid, quasi-steady, linear actuator
 
disc model. As previously noted, the attenuation was
 
also found to increase with w, and, thus, the additional
 
attenuation can be contributed to either an unsteady
 
blade response or turbulent mixing which is frequency
 
dependent. Since the additional attenuation above that
 
which is predicted is of the same order of magnitude as
 
the prediction, this additional attenuation is very
 
important and the mechanism causing it should be found.
 
A very important observation from the present study is
 
that 	no significant amount of turbulent mixing is
 
present between Locations l-D and 15 without the rotor
 
installed. Therefore, if turbalent mixing is causing
 
the increased artenuation, the turbulence is introduced
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4. 	The most significant characteristic of the square
 
distortion data is the appearance that the 900
 
distortion is attenuated more than the 1800 distor­
tion. However, before this conclusion is valid, tLe
 
amplification of the tota pressure distorti6n up­
stream of the rotor must be investigated.
 
5. 	The operation of a rotor in: a distorted flow field was
 
found to result in total pressure losses greater than
 
those measured withthe rotor operating in a uniform
 
flow. The magnitudes of these unsteady losses were in
 
some cases found to be twice as large as the steady
 
losses. 'Meunsteady losses were also found to be
 
highly dependent on the reduced frequency and, in most
 
cases, a maximum occurred at low values of w. However,
 
in the present study, the flow was assumed to be two­
dimensional. Since radial shifts in the streamlines
 
could yield misleading results, the unsteady loss data
 
from the present study should be interpreted with care.
 
If future studies, which include or completely eliminate
 
three-dimensional effects (not neglect them), should
 
verify a peak in the losses at low values of w, high
 
attenuation and low unsteady losses would not be incom­
patible. In other words, a distortion could be greatly
 
attenuated without suffering severely from unsteady
 
losses.
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similar analysis could e used as a starting point for a study of the
 
observed phenomena in the AFRF. However, Mokelke's turbulent model
 
did not include the turbulence introduced by the blades. In this study,
 
it is known that no significant turbulent mixing occurs without the
 
rotor installed; thus, if turbulent mixing is. significant, it must be
 
caused by the rot6r. Experimentally, the effect of turbulent mixing
 
could be studied by artificially changing the size of the blade wakes,
 
and then correlating the size of the wakes and the turbulence intensity
 
with the attenuation observed. Wake size and turbulence measurements
 
would be made with hot-wire anemometers. For a study of the effects
 
of unsteady blade response, experimental unsteady force and moment data,
 
which exists for the blades of the AFRF, could perhaps be included in a
 
model of the flow. The contribution of the unsteady blade response on
 
the attenuation could then be evaluated.
 
The third recommendation for future study is an investigation of
 
the effects the parameters in the. reduced frequency haye on the dis­
tortion attenuation. From the definition of.the reduced frequency,
 
it is seen that w contains the blade chord length, the distortion wave
 
length, and the blade stagger angle. A designer who may want to apply
 
the attenuation data, however, only has control over the blade chord
 
length and stagger angle. If the dominate variable determining the
 
attenuation is the distortion wave length, the large increase of 
attenuation with w cannot be advantageously employed. Therefore, the 
question arises as to what effects the chord length and stagger angie
 
have on the distortion attenuation. The present study has shown that
 
the influence of stagger angle is deperdent on blade loading, but in
 
most cases, larger stagger angles resulted in greater attenuation.
 
The effect of chord length still needs to be evaluated.
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The final topic'where extensive research is needed is the area of
 
unsteady losses. The present study has revealed that the losses
 
associated with nonuniform inlet flow are quite significant. Since
 
turbomachines usually operate in nonuniform flow, the minimization of
 
the unsteady losses could improve the efficiency of the machine.
 
However, considerable research determining the sources of the-losses
 
and research evaluating the effect design variables have on the losses
 
are required. Part of the unsteady losses may be due to the turbulent
 
mixing in the distorted flow. Other possible sources of losses are
 
local regions of flow separation and vortex shedding due to the unsteady
 
blade circulation. The contributions of these sources should be
 
evaluated.
 
The ideal way to study unsteady losses would be to conduct tests
 
in a two-dimensional caccade; However, a means of producing a distorted
 
flow which correctly models the flow in a rotating machine is required.
 
Data could then be obtained similar to the massive amount of cascade
 
data currently available and used for steady designs of turbomachines.
 
If a proper method of producing an unsteady flow in a two-dimensional
 
cascade cannot be found, circumferential surveys in a rotating blade 
row will be required at several radial locations both upstream and down­
stream of the blade row. With the complete flow field known, mass
 
averaged data can be used to evaluate the unsteady losses. For studies
 
conducted in the AFRF, it may be necessary to eliminate the auxiliary
 
fan, since it is suspected that the auxiliary fan may alter the stall
 
characteristics of the test rotor.
 
As a closing remark, in general, the long range goals of future
 
research in the field of distorted inlet flow and tusteady aerodynamics
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is to provide data and an understanding of compressor stability,
 
noise, distortion at-tenuation, unsteady losses, and the unsteady blade
 
forces. When sufficient knowledge is gained, all of the above factors
 
can be combined in an optimum unsteady design of a turbomachine.
 
Studies will also be required in determining the compatibility of an
 
optimum unsteady design and the optimum steady design.
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APPENDIX A
 
des--':
 
PROBE CALTBRATION
 
The purpose-of this appendix is to present the details of the
 
calibrations which were performed for the two United Sensor five-hole
 
probes. The reasons for selecting this type of probe, a description
 
of the probe geometry, and a brief outline of the probe calibration
 
and its use were given in Chapter IV. This appendix will go into more
 
derail of the preliminary analysis, describe the apparatus and pro­
cedures used for calibrating the probes, and will discuss the nature
 
of the results in more detail. The methods used for applying the data
 
obtained from the Peynolds number and wall interference scudies are
 
also presented. 
-A.1 Calibration Analysis 
The five-hole probes employed in this study were used in a non­
nulling mode This means that relationships must be found between the
 
pressures from the five holes and the true total and static pressure
 
or velocity. The desired relationships are usually expressed as
 
dimensionless pressure coefficients, which will be a function of the
 
flow angularity. Since, when in use, the flow angles are unknown,
 
relationships between the probe pressure and the flow direction are
 
also required.
 
The determination of the necessary relationships by analytical
 
techniques would be worthwhile; however, in most cases, the use of
 
analytical techniques is not possible. For probes of spherical
 
geometry, a potential flow solution can predict the pressure distri­
bution and, thus, the probes' characteristics quite reasonably.
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However, due to manufacturing inaccuracies, and also to obtain the
 
desired operating range and accuracy required in the laboratory,
 
calibrations are necessary even for probes of this simple geometry.
 
For the more complex geometry of a prism probe with which viscous
 
effects will play a significant role, analytical techniques of any
 
value are impossible. For this reason, the only mathematical consid­
erations which must be made at this stage are the ways in which to best
 
represent the probe's characteristics.
 
In some previous studies, coefficients have been formed which
 
contain the velocity; thus, with additional coefficients relating the
 
flow angles to the probe pressures, the velocity and its components
 
can be calculated directly [12]. However, in this study, as in many
 
situations, the total and static pressure are also of interest. There­
fore, the approach was taken to determine the tote) and.static pressure
 
through the probe calibraticn, and then, after calculating the velocity
 
by using the Bernoulli equation, the velocity components are determined
 
from the known flow angles which were also obtained through the cali­
bration data. Since there are four unknown quantities, jour pressure
 
coefficients will be necessary to relate the total and static pressure
 
and the two flow angles to the measured probe pressures.
 
Before defining the necessary pressure coefficients, the references
 
used for measuring the flow angles and the terminology employed should
 
be described. The two reference planes referred to as the yaw and
 
pitch planes are sketched in Figure A.l, with their orientation with
 
respect to the probe shown. The pitch plane contains the axis of the
 
probe. In the pitch plane, the reference line from which the pitch
 
angle (y) is men sured was chosen to be perpendicular to the planes
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YAW PLANE 
REFERENCE'LINE 	 "­
+ 
FLOW DI'RECTION
 
Figure A.1. 	 A schematic of the probe tip defining the reference
 
planes and the flow angles measured.
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containing the sides of the circular block at the end of the probe.
 
These surfaces and the axis of the probe thus serve as a physical
 
reference for aligning the-probe and measuring the flow angles. The
 
yaw angle (6) is measured in a plane aligned with the flow in the pitch
 
direction and perpendicular to the pitch plane.
 
The orientation of the two planes with respect to each other was
 
necessitated by the type of device which was used for positioning the
 
probes when they iPere calibrated. This device was used in a uniform
 
flow field and was capable of rotating the probe about its axis,
 
corresponding to a change in yaw angle, and then tilting the probe
 
forward or backward, corresponding to a change in pitch angle.
 
Obviously, using the same device in the reverse order would yield the
 
same probe orientation. However, in this case, after tilting the probe,
 
the rotation is no longer around the probe's axis Thus, the other 
possible type of device would have to tilt the probe and still rotate 
the probe about its axis. This type of device would result iL a
 
different probe orientation with the flow and would yield the only
 
other possible orientation of the reference planes.
 
It should be mentioned that the selection of the probe axis and
 
the block on which the take--off tubes are mounted as alignment references
 
was based primarily on convenience. It may be thought that a more
 
accurate reference could be obtained by first balancing the pressures
 
from Holes 2 and 3,, and Holes 4 and 5. Although the balanced condition
 
could be used as a reference, this reference would require in each
 
experimental setup a flow of known direction in order to determine the
 
relatiou between the measured flow angles and the physical boundaries
 
of the system. Since a condition of known flow cannot be obtained in
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every experimental situation, it is far better to use a consistent
 
physical reference on the probe for both calibration and usage. The
 
references selected in this case will differ from the balanced condition
 
only by the pressure differences caused by manufacturing inaccuracies
 
in the location of the holes and the probe construction.
 
With the angular references chosen,, and the pressure from each
 
hole identified as shown in Figure A.1, the pressure coefficients can
 
be defined. For the total and static pressure, the purpose of the
 
pressure coefficients is to relate-the true pressures to the total and
 
static pressure indicated by the probe. The center hole, or Hole 1,
 
senses the true total pressure if the probe is aligned with flow but
 
deviates slightly from the true value for non-zero flow angles. For
 
this reason, the pressure sensed by the center hole is defined as the
 
indicated total pressure when calibrating five-hole probes.
 
-- Unlike the ability of the center hole to accurately indicate total 
pressure, the pressures sensed by the surrounding four holes vary 
greatly with flow angle, and no single hole will indicate trne static 
pressure. The pressure from these holes may be much Thss than the 
local static pressure, due to the acceleration of the flow around the 
probe, or may be much larger tnan the local static pressure if the holes 
are partially aligned with the flow. Due to the large amount of varia­
tion sensed by each individual hole, the arithmetic average pressure 
from Holes 2, 3, 4, and 5 is used as the indicated static pressure. 
Static and total pressure coefficients are formed by normalizing
 
the difference between the indicated and true values of pressure by a
 
suitable parameter, such that the resulting coefficient is-approximately
 
independent of veloctty or Reynolds number. Since the normalizing
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parameter must be formed from quantities which are known when the probe 
is in use, the pressures from the probe must be used. With the indicated
 
total and static pressure already defined, the difference between these
 
values will provide an indicated dynamic pressure which is similar to
 
the conventional pv2 commonly used to non-dimensionalize pressure
 
quantities. Witn this in mind, the following definitions for the total
 
and static pressure coefficients are given:
 
C ~Pl- PT(A1 
p total P1 - 1/4(P 2 + P3 + P4 + P5) (A.l) 
and
 
1/4(p 2 + p3 + P4 + p5 ) - ps 
Cpstatic = -/4(P2 + p3 + P4 + P5) (A.2) 
where pT and ps are the true values of total and static pressure,
 
respectively.
 
The physical reasoning for using the difference between the
 
indicated total and static pressure as a normalizing parameters was
 
given above. It should also be mentioned chat the authors of Reference
 
[13] found that this normalizing quantity reduced the rand6m scatter of
 
the data they obtained for probes of an angle tube design. This serves
 
as additional justification for normalizing the data in this manner.
 
In addition to the previously defined coefficients, two other
 
pressure coefficients are necessary to relate the flow angles to the
 
probe pressures. When considering the manner in which three-dimensional
 
probes are used in the nulling mode, instead of balancing the pressures
 
from the two holes in tne pitch and yaw planes, it becomes apparent
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that a pressure coefficient based on the pressure difference between
 
the two holes could be formed. Normalizing these pressure differences
 
with the same quantity as above results in the following definitions
 
for the yaw and pitch pressure coefficients:
 
P2 - P 3 +Cpyaw = P1 - 1/4(P 2 I- p 3 + P4 p5) (A.3) 
and
 
c h =P 5 - p4 (A.4)ppitch =P -1 /4 (p2 + p3 + p4 + P5) 
It is worth-.hile to note, at this point, that three coefficients
 
similar to the ones defined for the five-hole probes can be defined
 
.for two-dimensional, thrae-hole probes. However, a previous study
 
has found that the static pressure coefficient will vary significantly
 
with flow variations in the plane in which no measurements are taken
 
[13]. Therefore, it may be advantageous to employ five-hole probes,
 
even if only the two-dimensional characteristics are of concern, in
 
,order to improve the accuracy of the static pressure measurements.
 
Before concluding this section on the calibration analysis, two
 
problems which can be encountered with five-hole probes will be
 
mentioned. It has been found that the pressure coefficients defined
 
by Equations (A.1), (A,2), (A.3), and (A.4), and particularly the static
 
pressure coefficient, will vary with changes in Reynolds number. If
 
the velocity or Reynolds number variation is small, this effect usually
 
can be neglected. However, for larger changes, it may be necessary to
 
obtain several calibrations at various Reynolds numbers. The effect
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of varying Reynolds number was investigated in this study by obtaining
 
calibrations at several free-stream velocities. 'With these data,
 
average corrections could be calculated and applied to the results.
 
One other problem, not necessarily unique with five-hole probes,
 
is the interference effect caused when the probe approaches a solid
 
boundary. For the case of a five-hole probe, the shift in streamlines,
 
caused by a wall could result in errors in the flow direction as well
 
as the pressure measurements. The effect of a solid boundary was
 
investigated by mounting a flat plate in the calibration facility and
 
obtaining calibration data as a function of the distance between the
 
probe tip and the plate. The data obtained in this manner can be used
 
to make corrections, which will be discussed at a later point in this
 
appendix.
 
A.2 Apparatus and Procedure
 
The two United Sensor five-hole -probes were calibrated in the
 
12-in. (30.48 cm) open air jet facility at the Applied Research
 
Laboratory of The Pennsylvania State University. This facility is
 
shown schematically in Figure A.2 along with the instrimentation used
 
in the calibration. The jet facility consists of a 21.25-in. (53.975
 
cm) diameter axial flow fan, a circular to square transition section,
 
a wide-angle screened diffuser, a plenum chamber, and a nozzle [14].
 
The velocity of the flow can be varied between approximately 20 to
 
120 ft/sec (6.1 to 36.6 m/sec) by changing the fan speed, which is
 
controlled by a Borg-Warner variable frequency power supply.
 
The facility and the flow characteristics of the jet are described
 
in Reference [143, Of particular concern in the calibration process is
 
the uniformity of the flow and the ranges where uniform flow exists.
 
CIRCULAR-

TO-SQUARE
 
TRANSITION SCREENED PLENUM 
-AXIAL- k NOZZLE 
FIVE-HOLE 
PROBE 
PROBE-POSITtONING 
ITEGRTINGOPEN 
FREQUENCY iG''AL CARRIER ATMOSPHERE SCANIVALVE 
POERVOLTMETER tINDE CONTROL 
VAIIIL TO 
SUPLYVOLMEER DEMODULATOR 
SCANIVALVE
OPEN T 
ATMOSPHERE -I RANPUGCR ---- INSTRUMENTATION TUBING 
Figure A.2. A schema-tic of the open air jet facility and the instrumentation used for H
 
calibrating the five-hole probes.
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Uniform flow is necessary, since, with the type of ?robe positioning
 
device used, the probe will change locations in the flow field. The
 
information in Reference [14] verifies that the flow is symmetrical
 
about tha jet axis and uniform within the potential core. With this
 
knowledge, iv was made certain that the probe was always located within
 
the potential core of the jet during the calibrations.,
 
A sketch of the probe positioning device used for the calibrations
 
is shown in Figure A.3. This device is capable of providing variations
 
in both the yaw and pitch angles within the range of ±300. Yaw varia­
tion is obtained by rotating the entire device relative to the rectangular
 
support member shorn in the figure. The pitch angle can be changed by
 
tilting the probe support tube in which the probe is mounted.
 
The measurements necessary for the calibration of the probes are
 
the true total and static pressure in the jet and the five pressures 
from the probe. As shown in Figure A.2, all pressure measurements were
 
made with a single-variable reluctance pressure transducer through the
 
use of a scanivalve. Since this type of transducer can only measure a
 
pressure difference, another pressure must serve as a reference, and
 
the ambient pressure was, therefore, used for this purpose. The voltage
 
output from the transducer system was measured with an integrating
 
digital voltmeter.
 
The total pressure was measured from a static wall tap in the
 
plenum section where the velocity is almost zero. It was foand, however,
 
that this pressure was approximately 1.58% higher than the true total
 
pressure measured in the jet with a pitot tube. Since the neglected
 
dynami pressure in the plenum section would result in the opposite
 
trend being observed, the reduction in the measured pressure between
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Figure A.3. A sketch of the probe calibration positioning device.
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thE<Dlenum and the exit must be due to turoulent mixing losses. The
 
mea-urement made at the plenum was, therefore, corrected for this
 
ef5~ct. 
The true static pressure in the jet is equal to atmospheric
 
pressure, since che pressure ratio for the nozzle is far below the 
cri--'cal pressure ratio. The static pressure was, therefore, measured
 
thzsznugh an open tube on the scanivalve, and, since the ambient pressure
 
is *u"edas a reference, the static pressure measurement corresponded to
 
thei -transducer zero. This voltage output was periodically modified to
 
assure that the proper transducer zero was being maintained.
 
At the beginning of each calibration, the probe was mounted in
 
tha -positioning device in a vertical position, with the previously
 
men--ioned probe references parallel to the exit plane of the nozzle.
 
The ambient temperature and pressure-were then measured before the start
 
of tZihe test. These values were used to obtain the air density and
 
vx-c-sity and, thus, enable the Reynolds nimber to be calculated. It 
shomuid be noted that the absolute pressure is not needed for the cali­
bra-ion pressure coefficients, since it is apparent from the definitions 
of tihe coefficients thaL any reference pressure will cancel out of the 
equa tions. 
With the probe properly mounted and the preliminay measurements 
tak-rn, the procedure followed for the general calibration consisted 
simifty of-positioning the probe and recording the seven pressures. 
Tha -yawangle was varied in 100 increments and the pitch angle in 50 
inic rements between plus and minus 300, thus yielding 91 calibration 
poi:nts. The 50 pitch angle increment was selected since the static 
pressure coefficient was found to exhibit sharp variations and, 
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therefore, more points were necessary to describe Lhe probe's charac­
teristics. For this same reason, a smaller yaw angle increment might
 
also have been used, but this would have resulted in an excessive
 
amount of data to obtain and also to use in subsequent data reduction
 
programs.
 
The two probes were each calibrated, with the previous procedure,
 
three times to verify the data and also to help eliminate some of the
 
experimental errors by averagiag the results. For these tests, the
 
jet velocity was approximately 110 ft/sec (33.5 m/sec), resulting in a
 
Reynolds number based on the probe tip diameter of approximately 7000.
 
In addition to the general calibrations, five calibrations for
 
each probe examining the effect of Reynolds number variation were also
 
performed. These tests were conducted with jet velocities which yielded
 
Reynolds numbers of approximately 2000, 3000, 4000, 5000, and 6000. The
 
procedure was similar to the general calibrations, except that the pitch
 
angle increment was also chosen at 100.
 
One other phenomenon was also investigated at this stage, so the
 
characteristics of the probe could be understood under all operating
 
conditions. The effect of the proximity of a solid boundary was,
 
investigated by mounting a flat plate across the exit of the .jet and
 
recording the probe's response as a function of distance to the plate
 
and the yaw angle. The two configurations tested are shown schematically
 
in Figure A.4.
 
It is obvious from the schematic of the probe through the plate
 
that pitch angle variation was not possible with the present apparatus.
 
Although the pitch angle could be varied wich the probe approaching the
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FLOW DIRECTION
 
a 
FLOW DIRECTION 
WAX SEALER 
PROBE THROUGH THE PLATE 
Figure A.4. A schematic of the two test configurations tested
 
to determine the effect of a solid boundary on the
 
probe"'s response.
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wall, the orientation of the probe with respect to the plate would
 
also change, thus introducing another variable into the test. For
 
these reasons, only the yaw angle was varied.
 
The procedure7 followed for the calibrations with the plate con­
sisted first of mounting the probe atoa given distance from the plate,
 
with the probe aligned in the same manner as for the previous tests.
 
The increments for the change in the distance were selected so that the
 
measurement stations ware closer together near the plate. The yaw angle
 
was then varied between ±300 in 1 0 C increments, and the seven pressures
 
were recorded for each position. The jet velocity for these tests was
 
approximately the same as for the general calibrations, 110 ft/sec
 
(33.5 m/sec).
 
A.3 Results and Discussion
 
- - The calibration results for the probe used downrstream of the rotor 
are-presented in Figures A.5 throdgh A.7 and will serve as a reference 
for further discussion. Similar results for the other probe were 
presented in Chapter IV. Since three basic calibrations were performed 
for each probe, the results plotted in the figures are the arithmetic
 
average of the three calibrations. These are the results which were
 
used for reducing data from the fan.
 
Since the calibration data have no purpose other than enabling the
 
flow angles and total and static pressure to be calculated, the primary
 
requirement of the data is that it be repeatable. Initially, after
 
examining the irregular nature of the static pressure coefficient, the
 
repeatabilit3- of the data was questioned, since it was not known whether
 
the observed nature of the static pressure coefficient was due to random
 
scatter or the actual steady response of tne probe. It was for this
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reason, and also to eliminate some of the experimetal error, that. the
 
probes were calibrated three times.
 
The results from the three calibrations revealed that the data
 
were quite repeatable. To quantitatively demonstrate this repeat­
ibility, the-difference between the coefficients for a particular test
 
and the averaga values were calculated and expressed as a percentage
 
of the maximum absolute value of that particular coefficient. For
 
example, the percent deviation in the static pressure coefficient can
 
be written as:
 
C -Cp static p static 
Percent deviation = averae x 100 (A.5)Maximum Cpstatic 
average
 
The preceding approach was taken since insufficient data existed
 
for a statistical analysis. However,.with the deviation defined in
 
this manner, the scatter of the data was usually found to be less than
 
1%. Presenting tne worst case, which occurred for the static pressure
 
coefficient of Probe 2 , only 19% of the data deviated from their 
respective averages by more than 1%, less than 2% of the data deviated, 
by more than 3%, and no data deviated by more than 5%. This high degree 
of repeatability demonstrates that this type of probe can be used quite
 
accurately in the nonnulling mode and also demonstrates the degree of
 
precision in the experimental procedure.
 
With the data found to be quite repeatable, the shapes of the
 
calibration curves are not important. However, it is worthwhile to
 
The number 2 refers to the last number of the probe serial mumber.
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examine the characteristics-of the curves to obtain some insight into
 
what to expect when -using the probes and also to assure that sufficient
 
data exists to adequately describe the probe's response. Referring to
 
Figure A.5, one obvious characteristic of the yaw and pitch coefficient
 
data is the different ranges in the values of t1iese co~fficints. - It 
is seen, by nocing the different scales in Figure A.5, that the pitch
 
coefficient has only about half the range that the yaw coefficient has.
 
When using the probes, the smaller range for the pitch coefficient means
 
that slight variations in the pitch coefficient due to flow turbulence
 
,ormeasurement inaccuracies will result in a significant change in the
 
calculated pitch angle. For this reason, the probe can be expezted to
 
be very sensitive to flow variations in the pitch plane, and scatter
 
.in the resulting velocity component will probably be observed.
 
The reason for the difference in the range of the pitch and yaw
 
coefficients is due to the different types of surfaues onl which the
 
holes in the pitch and yaw planes are located. Holes 4 and 5 in the
 
pitch plane are located on surfaces perpendicular to the axis of the
 
probe. Therefore, when large pitch angles exist, one hole will be
 
located in a region of flow which has separated from the outer edge of
 
the prism, while the other hole will be more aligned with the fl6w
 
sensing a pressure nearer the free-stream total pressure. Since some
 
pressure recovery occurs ii1a separated region, the hole in this zone
 
will sense a pressure greater than the free-stream static pressure, and
 
the resulting pressure difference between Holes 4 and 5 will be less
 
than the. dynamic pressure of the flow.
 
Holes 2 and 3 in the yaw plane have a different response. For
 
large yaw angles, once again one hole is approximately aligned with
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the flow and senses a pressure near the free-stream total pressure.
 
Howeyer, the other hole is positioned around the side of the probe and,
 
therefore, senses a pressure less chan the free-stream static pressure,
 
since a static pressure drop occurs as the flow accelerates around the
 
probe. For this reason, the pressure difference between Holes 2 and
 
3 will be greater than the dynamic pressure of the flow, and the absolute
 
value of the resulting yaw coefficient based on this pressure difference
 
will be much greater than the pitch coefficient obtained for an equiva­
lent pitch angle. Although the small range in pitch coefficient is
 
undesirable, the present probos were selected for their convenience in
 
inserting the probes into the Axial Flow Research Fan, which necessitated
 
the particular probe geometry used. 'The expected scatter in the calcu­
lated pitch angle should noz be a serious drawback, since the zadial
 
velocity component in the AFRF is not of primary concern.
 
- Other characteristics to note on Figure A.5 are the symmetry of 
the lines of constant yaw angle and their relative independence on the 
pitch angle. The symmetry with regard to positive and negative yaw 
angles is expected, since the probe is symmetrical in the yaw planes. 
The independence of C on pitch angle, however, is a consequence of p yaw
 
the definition of Cp yaw" It is found that Holes 2 and 3 respond
 
differently with positive and negative pitch angles, either due to the
 
nonsymmetry of the prism or the nonsymmetry caused by the sensing
 
element being located a short distance from the probe tip. The denomi­
nator of C varies in a manner which negates the nonsymmetrical
p yaw 
response.of Holes 2 and 3 and yields a yaw coefficient which is approxi­
mately constant for a particular yaw angle. The greater range of the
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yaw coefficient also c-ntributes to the straight nature of the lines,
 
since small pressure fluctuations will not significantly alter the
 
yaw coefficient.
 
The lines of constant pitch angle in Figure A.5 do nor have
 
characteristics similar to the lines of constant yaw angle. These
 
lines demonstrate a strong dependence on yaw angle and nonsymmetry
 
with respect to positive and negative pitch angles. The wiggles in
 
these lines are due primarily to the changes in the aiaount of pressure
 
recovery in the separated regions, where either Hole 4 or 5 is located.
 
The yaw angle strongly influences this pressure rec6very, since it
 
changes the distance in the direction of the flow from the prism edge
 
to the hole. The difference in the curves for positive and negative
 
pitch angles can be contributed to the nonsymmetrical geometry of the
 
probe in the probe axial direction. The variations caused by both the
 
nonsymmetry and the flow separation are also amplified by the smaller
 
range of the pitch coefficient.
 
The next figure, Figure A.6, also exhibits some interesting
 
characteristics. This figure shows that the total pressure coefficient
 
is approximately independent of pitch angle, especially for the smaller
 
yaw angles, but is strongly dependent on the yaw angle. The independence
 
of Cp total with respect to pitch variations is probably caused by the
 
'prismedges perpendicular to the surface of Hole 1, which would tend to
 
direct the flow into Pole 1, causing ic to sense a pressure near the
 
true total pressure, regardless of the pitch angle. The center hole,
 
however, will sense larger pressure changes with yaw angle variations,
 
since the pressure will drop due to flow misalignment and also due to
 
the fluid acceleration around the probe. The slight nonsymmetry with
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respect to pitch angle can once again be attributed to the probe tip
 
effects or the nonsymmetrical prism.
 
The final necessary figure for presenting the calibration data is
 
Figure A.7. The curves of the static pressure coefficient in this
 
"figure contain many irregularities, which is the reason a 50 increment
 
of pitch angle was used, thus assuring that the curves are adequately
 
described. The dominate characteristic of these curves is the peak
 
which occurs neat a pitch angle of 200. This peak is caused by the
 
average pressure sensed by Holes 2 and 3 being greater for positive
 
pitch angles than it is for negative pitch angles. The only differences
 
in the probe geometry which could cause this effect are the location of
 
sensing element and the nonsymmetrical location of the surfaces on
 
which Holes 2 and 3 are located.
 
- For a positive pitch angle, the body of the robe may turn the 
flow more than the tip section does for negative pitch angles, perhaps 
resulting in smoother flow with less losses arriving at Holes 2 and 3. 
Ihis is one explanation for the pressures of Holes 2 and 3 being greater 
for positive pitch angles. The nonsymmetrical location of prism edges 
with respect to the holes could also contribute to the observed behavior. 
Since the edge of the prism towacd the tip of the probe is closer to the 
holes than the opposite edge, flow separation off the edge could cause 
the lower pressures which are sensed for negative pitch angles. Although 
these two effects are the only apparent possible causes, the exact reason 
for the peak in the static pressure coefficient is unknown due to the 
complexity of the f low. 
Despite the irregularity of the static pressure Qoefficient curves
 
in Figure A.7, the general trends for the curves of different yaw angles
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ace similar. It is not apparent from Figure A.7, however, how the
 
static pressure coefficient varies as a function of yaw angle. This
 
relationship should be examined to assure that the 100 increments in 
yaw angle are adequate to describe the probe's response. For this
 
reason, Figure A.8 presents the same data which are in Figure A.7, as
 
Cp static versus yaw angle. (Only seven curves of constant pitch angle
 
are presented to avoid confusion.) This figure shows the curves are
 
all similar and symmetrical with respect to the yaw angle. These
 
characteristics and the smoothness of the curves suggest that the 100
 
increment is adequate.
 
The "V' shape of the curves can be contributed to two factors.
 
At 0* yaw, the static pressure coefficient is large because the average
 
pressure sensed by 'oles 4 and 5 is near the total pressure of the flow.
 
Therefore, the indicated static pressure is much larger than the true
 
static pressure. For positive or negative yaw angles, however, the
 
pressures sensed by these holes begins to drop as the flow near these
 
holes becomes less stagnant. This results in the decrease of the
 
Cstatic curve observed on both sides of the 00 yaw angle. The final
 
rise in the curves at the larger yaw angles is caused by the denominator
 
of the static pressure coefficient becoming small when the pressure
 
sensed by the center hole decreases due to the flow misalignment.
 
It is seen from the preceding discussions that the characteristics
 
of the calibration data can be explained by considering basic fluid
 
flow concepts. These explanations enable more confidence to be put
 
into the use of the probes, since no peculiar unexplainable character­
isrics were observed. The repeatability, which was also demonstrated,
 
shows that the five-hole probes can be used accurately in the non-nulling
 
mode.
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A.4 Reynolds Number Effects
 
In order for the calibration of five-hole probes to be meaningful,
 
it is necessary that the calibration data be independent, to.a large
 
extent, of the measured quantities. Since the velocity is the primary
 
quantity to be measured, the effect of Reynolds number (Re) changes on
 
the calibration data was assessed. A portion of the results obtained
 
in the study are presently in Figures A.9 through A.12. These figures
 
graphically present the four calibration pressure coefficients as.a
 
function of Reynolds number for seven pitch angles and a yaw angle of
 
200. The symbols differentiating the different pitch angles, which are 
identified in Figures A.9 and A.12, are'similarly used in Figures A.10 
and A.l1, although they may not be distinguishable due to the overlapping 
-of the lines. . 
The introduction of the Reynolds number as ar additional variable
 
greatly increased the quantity of calibration data, which is the reason
 
only the data for a yaw angle of 200 are presented. This portion of
 
data, however, is sufficient to demonstrate the trends which were
 
discovered and is typical of the remaining data. Examination of
 
Figures A.9 thiough A.l1 reveals that the pitch coefficient, the yaw
 
coefficient, and the,total pressure coefficient are independent of
 
Reynolds number over the range tested. Figure A.12, however, does show
 
that the static pressure coefficient is slightly dependent on the
 
Reynolds number. This dependence is unfortunate, since a complete
 
elimination of any error caused by the variation -in the static pressure
 
coefficient would require the use of a three-parameter calibration in
 
cerms of the yaw angle, pitch angle, and Reynolds number. With the
 
Reynolds number unknown, an iterative computational procedure would be 
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necessary which would increase the complexity of tie data-reduction
 
program and would also increase the required computer time.
 
Although a definite dependence of the static pressure coefficient
 
on Reynolds number is revealed in Figure A.12, the variation is not.
 
extremely large., For this reason, and also to eliminate the need for
 
an iterative computational procedure, approximate means for accounting
 
for the variation in Cstatic were employed. The Reynolds number range
 
in which the Probe is operated can be estimated from mean flow conditions
 
or from previously reduced test results. Using this information, average
 
values of Cp static could be calculated'for the estimated Re range. 
The calculation and use of average values is justifiable, since the 
variation of the static pressure coefficients within the expected Re 
range would be very small and cause an insignificant error.
 
The average static pressture coefficients calculated for a given
 
Reynolds number could have been used directly in a data :eduction
 
program. Instead, these values were used to form corrections which
 
could then be applied to the original calibrations conducted at the
 
Reynolds number 7000. This was done, since, in the basic calibration, 
50 increments were used for the pitch angle variation. The correction, 
therefore, enabled the more extensive calibrations to be used throughout
 
the data-reduction program. The following equation defines the
 
correction which was employed:
 
Re Correction = 
(Cp static )averaged for a (Cp static )Re z 7000 
particular Re range 100%. 
D static )maximum for 
Re z 7000
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Figure A.13 is a plot of the Reynolds number correction calculated
 
for a Reynolds number range of 2990 to 3010. In this case, the range
 
was made very small for demonstration purposes, so that the change in
 
the static pressure coefficient between Reynolds numbers of'7000 and
 
3000 could be examined. For most of the data reduced from the AFRF,
 
the changes in the Reynolds number were much larger and usually on the
 
order of 1000 to 2000.
 
The significance of the magnitude of the correction can be obtained 
by examining the error which would result in the calculated static 
pressure and velocity if the correction was not used. For a yaw angle 
of 200 and a pitch angle of 30, the correction is found to be 10.0. 
This value represents one of the larger corrections but, if neglected, 
will only result in an error in the calculated static pressure which 
is 5.5% of the dynamic head. The error in the calculated velocity 
would be even less, with only a 2.8% difference between the calculated 
and the true velocity. From this example, it is apparent that the 
Reynolds number effects are not large, although they should be accounted 
for if accurate measurements are required. The small error which would 
result from neglecting the correction also demonstrates the adequacy in 
representing the .Reynolds number effects in the approximate manner 
chosen. Since less than a 3% error in the calculated velocity has been 
shown to result from the change in Cp static from a Reynolds number 
of 7000 to 3000, the error associated with averaging the static pressure 
coefficient over a small range will be insignificant. 
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A.5 	Effects Caused by the Proximity of a Solid Boundary
 
As discussed in the section on the experimental procedures, the
 
change in the probe's response due to the proximity of a solid boundary
 
was investigated. This study was initiated so that the probes could
 
be used to conduct radial surveys in the AFRF determining the steady
 
performance of the rotor. When using the probes for radial surveys,
 
both types of wall-probe configurations are encountered, one when the
 
probes are near the hub and the other when measurements are made near
 
the outer casing.
 
It should be emphasized that the change in the probe's response
 
which was investigated was not due to the boundary layer, but, rather,
 
it was-due to the potential interaction with the wall. It is true that
 
errors may result with the use of five-hole probes in a boundary layer
 
because of the velocity gradient which exists. Since the holes are
 
located a finite distance apart, the holes will not only sense
 
different pressures due to flow angularity (for which the probes are
 
calibrated), bur also due to the velocity gradient. The magnitude of
 
the error associated with the use of a five-hole probe in a velocity
 
gradient will depend on the relative size of the hole spacing and the
 
change in the velocity between hole locations. With proper probe
 
selection, the error due to the velocity gradient will be reduced to
 
an insignificant level; however, it does not appear possible to elimi­
nate the error through a calibration.
 
Unlike the error caused by a velocity gradient in a boundary layer,
 
it should be possible to eliminate the error caused by a potential
 
interaction with a wall by obtaining a calibration of the changes
 
induced. Since a change in the probe's response will be caused by a
 
183
 
shifting of the streamlines due to the presence of the wall, the
 
response will depend primarily on the distance between the wall and
 
the probe. A knowledge of the change in the probe's response can,
 
therefore, be used to correct for the wall effects. The experimental
 
setup, which was shown schematically in Figure A.4, allowed the
 
potential interaction to be investigated. With the distance from the
 
leading edge of the plate to the probe less than 6 in., the boundary
 
layer on the plate is very small and would not contribute significantly
 
to the probe response. ...
 
Once again, for brevity, only a portion of the experimental results
 
are presented. These results appear in Figures A.14 through A.17, where
 
the first two figures are results from the tests for the probe tip
 
approaching the plate. In Figure A.14, the plot of C versus the
 
p yaw 
distance from the probe tip to the plate shows that the yaw coefficient
 
is not affected by the proximity of the plate. This figure exemplifies
 
the characteristics observed for the pitch coefficient and the total
 
pressure coetficient, which were also not affected by the plate's
 
presence.
 
The fact that the yaw coefficient is unaffected by the plate is
 
not surprising, since any shift in the streamlines with respect to
 
the probe will be symmetrical in the yaw plane. The total pressure
 
coefficient would also not be expected to change, since'streamline
 
curvature will not affect the total pressure of the flow. It is some­
what unexpected, however, to see no change in the pitch coefficient,
 
because a shift in the streamlines caused by the plate could change the
 
local flow angle sensed by the probe. The change in the local flow
 
angle must, therefore, be too small to cause a measurable effect.
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For the case where the probe tip is approaching the plate, the
 
only calibration coefficient which is affected by the plate is the
 
static prcssure coefficient. Figure A.15, which demonstrates this
 
effect, sh~ss the variation of the static pressure coefficient as a
 
function c- the plate-probe spacing. The observed change in the
 
coefficiec~z is due to the change in the local static pressure which
 
is altered by the changing flow patterns.
 
The r-aining two figures show results from the tests where the
 
probe is d&awn through a hole in the plate. In Figure A.16, once again
 
the yaw ccefficient is plotted versus the distance from the probe tip
 
to the platte. It is seen for this case, however, that the yaw
 
coefficienz is affected by the plate if the distance is less than
 
0.5 in. or- four probe tip diameters. Similarly, variations in the 
other coeft dcients were also observed in this region. 
The vtriation observed in all the coefficients essentially makes 
the probes: Lmpractical for use when the distance from the tip is less
 
than four 7zti diameters. It should be pointed out, however, that, when
 
the probe tzin is four diameters from the plate, the center hole is only
 
0.25 in., 'bz two tip diameters, from the plate. This means measurements 
made with Zhis type of probe would only have to be restricted to 
distances _±om a wall greater than two tip diameters. A similar 
restriction is necessary for the other configuration from probe 
geometrica- limitations only. When the probe tip is against a wall, 
the center ,ole is two tip diameters from the wall.
 
Restriaizing the use of the probe to distances greater than two
 
probe diameaters does not eliminate all of the wall interaction effects.
 
Figure A.17 shows that the static pressure coefficient is still affected 
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at greater distances. The effects of a wall, when limited to the
 
static pressure coefficient only, however, can easily be accounted
 
for in a data-reduction program. Corrections similar to the Reynolds
 
number correction were formed for both wall configurations and incor­
porated into the data-reduction program for the radial surveys.
 
- Before concluding this section on the effects caused by the 
proximity of a solid boundary, one problem which was encountered should
 
be pointed out- This problem is revealed in Figure A.17, where it is
 
seen that the values of C do not level off to the free-stream
 
p static
 
calibration data. It was suspected that the static pressure in the jet
 
was altered by the plate, and atmospheric pressure did not exist as
 
was assumed. Later investigation of the static pressure, using static
 
taps on the plate, did verify that the pressure was altered by the
 
plate. Although the change in the static pressure was not large, it
 
was found that the pressure was very sensitive to the plate alignment.
 
With the new data as a justification, the wall effects data were
 
* corrected such that, at large distances, the values were identical
 
to the data obtained with no plate. This correction was made before
 
putting the data into the radial survey reduction program. Future
 
calibrations using a plate should check the static pressure on the
 
plate before initiating the tests.
 
APPENDIX B
 
DERIVATION OF DIMENSIONLESS LINEARIZED FLOW EQUATIONS
 
The 	non-dimensional linearized flow equations used in Chapter III
 
are derived in detail in this appendix. The assumptions necessary for
 
their derivation, which appear in a complete list of the assumptions
 
for the actuator disk model in Chapter III, are repeated here for
 
clarity.
 
Assumptions
 
1. 	Incompressible flow.
 
2. 	Two-dimensional flow (v = 0, -= 0). 
3. 	Steady Flow = 0). 
4. 	No body forces.
 
5. 	Inviscid flow.
 
6. 	The amplitude of the velocity distortion is small
 
compared to the average axial velocity.
 
The first five assumptions are used to reduce the Navier-Stokes
 
equations to the following simple form:
 
x-momentum equation
 
yev x Vx Ps(.
Pt c - +rv7 ) = - .(B 	 l8 --
rx 	 Sx
 
G-momentum equation
 
ye Dvev8 1 aPs 
- +Vx r ae . (B.2) 
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Conservation of mass equation
 
1 av6 v
 
_--x= 	 0 .(3.3) 
r 3B 3x 
In order to linearize the equations, the velocity and pressure
 
are represented as the sum of a circumferential mean and perturbation
 
quantity, as presented in Equations (B.4) through (B.6) which follow:
 
+
• Ps 	 = Ps P s'(B)p 	 ,(B.4)=p +p 

v = 	 v +V" (B.5)x 	 x x 
and 
v + v . (B.6)e e 
When Equations (B.4) through (B.6) are substituted into Equations
 
(B.i) through (B.3), after expanding the terms, several simplifications
 
are possible.
 
The conservation of mass equation and the momentum equations for
 
the average quantities offer numerous simplfiications because these
 
equations, upon examination, reveal that all derivatives of average
 
quantities are zero. Since this conclusion has important consequences,
 
these 	equations are presented below:
 
Average x-momentum equation
 
P(--w + v = _P 0 	 (B.7) 
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Average 6-momentum equation
 
V6ava 2V6@6 6 - Y is C.) 
r ae + Vx x 
Average conservation of mass equation
 
1av a;

+ . (B.9)
r ao 2x 
By definition, = - 96= 0. It therefore follows directly 
from the continuing equation that - must equal zero; and also, from
 
Equation (B.8), is equal to zero since v cannot equal zero. After
 
D- x 
the previous observations, it is also apparent that - is equal to 
zero from-Equation (B.7). 
The preceding results may seem peculiar, since they essentially 
state that all the average-quantities are constant. However, it must
 
be remembered that the equations of motion do not apply at the actuator
 
disc, which represents the blade row response as a discontinuity in the
 
flow. Therefore, v0 and p are constant up to the actuator disc, but
 
may undergo an abrupt change at the disc and are once again constant
 
downstream of the disc. -v maintains the same value both upstream
 
and downstream, since conservation,of-mass for an incompressible
 
flow in a constant area duct requires that v is a constant
 
everywhere.
 
In addition to the simplifications obtained by dropping terms
 
containing derivatives of average quantities, Assumption 6, which is,
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the basis of the linearized theory, must be employed. Assumption 6 
iplies that <<vx and v << v . With this assumption, termsx x 
containing products of v6 , v , or their derivatives are eliminated S 
since they will be small and of second order. After all of the previous
 
simplifications are applied, the following linear partial differential
 
equations result:
 
x-momentum equation
 
v 6 
v x@ - x apPsB, Dv' 

x 
 (B.10)
 
0-momentum equation
 
+ v (B.11) 
- 6xx rae8 / 
Conservation of mass equation
 
1 0 + x 0 r -5-- x 0 (B.12) 
It is advantageous at this point to replace the static pressure
 
which now appears in the x and 6 momentum equations by the total
 
pressure. One reason for this is that the distortion is usually
 
represented as a total pressure deficit. Thus, replacing the static
 
pressure with the total pressure allows the inlet boundary condition
 
to be applied directly. Also, the matching conditions for the change
 
of the total pressure across the blade row are more easily applied"with
 
the total pressure appearing in the equations. In addition to these
 
reasons, it turns out that the substitution changes the partial
 
194 
derivatives on the left side of the x and emomentum equations, so
 
that both equations have identical terms, except for a constant
 
multiplier. This consequence offers an additional advantage, since
 
it simplifies the simultaneous solution of the equations.
 
For the purpose of replacing the static pressure by the total 
pressure, a special form of the Bernoulli equation is used. Starting 
with the basi6 equation, p- P = Pv 2, this equation is expanded in 
terms of the x and e components of velocity and also the average and
 
fluctuating quantity of each variable. After subtracting the equation
 
for the average quantities, and once again neglecting second order
 
terms, the following form of the Bernoulli equation is obtained:
 
i-v pv v (B.13)
 
Using Equation (B.13) to replace p' in Equations (B.10) and
 
S 
(B.11), the following new forms of the x and 6 momentum equations 
are obtained: 
­
x-momentum equation 
Dv' av p
 
v 1 - e T-- (B.14)
 
0-momentum equation
 
- I a vPT
 
rV(;e ax r D-Oa bx r ae (B.15) 
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The final modifications of Equations (B.12), (B.14), and (B.15)
 
is to introduce non-dimensional variables. In conventional practice,
 
the rotor speed U is used to non-dimensionalize velocity and pU2 is
 
used to non-dimensionalize pressure. However, it was found when
 
reducing the data of this study that the average axial velocity provided
 
a more convenient parameter for non-dimensionalizing the data. This was
 
due to the fact that the average axial velocity was approximately
 
constant for all the tests. Thus, comparing results from different
 
tests at different rotor speeds was greatly simplified when the data
 
was non-dimensionalized by the circumferential average axial velocity.
 
Therefore, to be consistent with the experimental data, the average
 
axial velocity will also be used in the actuator disc model to non­
dimensionalize the equations. The following non-dimensional parameters
 
are defined:
 
V-
V, = x (B.16) 
x 
vV 
V-e (B.17) 
v
 
PT (B.18)
T ov-x2 
= a va/v x (B.19) 
and
 
=
X x/r . (B.20) 
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When the dimensionless parameters are introduced into Equations
 
(7,,12), (B.14), and (B.15), the final equations are obtained:
 
x-momentum equation
 
e T (B.21)2a ex ­
6-momentum equation
 
x 8 T
 
Conservation of mass equation
 
av- 3V"
 
-+ -x 0 (B.23)
Do ax 
APPENDIX C
 
900 SQUARE DISTORTION DATA WITHOUT THE ROTOR INSTALLED
 
This appendix presents the data from the circumferential surveys
 
)nducted without the rotor installed for the 900 square distortion.
 
.gures CU through C.5 present the three velocity components, total
 
'essure, and static pressure as a function of circumferential location.
 
ese data are presented for comparison with the sample 900 distortion
 
ta obtained with the rotor operating, presented in Chapter VI. The
 
ta for the four-cycle distortion are similarly presented in Chapter
 
The complete data for all of the distortion tests-can be found
 
Reference [19].
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Figure C.l. Axial velocity distribution for the 90 ' square
 
distortion without the rotor installed.
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Figure C.2. 	 Circumferential velocity distribution for the 90*
 
square distortion without the rotor installed.
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Figure C.3. 	Radial velocity distribution for the 90' square
 
distortion without-the rotor installed.
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Figure C.4. 	 Total pressure distribution for the 900 square
 
distortion without the rotor installed.
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Figure C.5. 	 Static pressure distribution for the 90* square
 
distortion Without the rotor installed.
 
APPENDIX D
 
RUN CONDITIONS FOR THE DISTORTION TESTS
 
Table D.l of this appendix tabulates the run conditions for all 
of the distortion tests conducted. The first entry for each screen 
is for the test without the rotor installed, and thus, only the.average 
axial velocities at Locations 1-D and 15 are defined. For the remaining 
tests in each section, the number of rotor blades, stagger angle, 
average axial velocities at Locations 1-D and 15, RPM, average flow 
coefficient, average ApT/ 0pv g , and the average incidence areT xcavg 
tabulated. The average values presented are computed as the arithmetic
 
mean of the data from the 180 circumferential measurement locations.
 
Table D.I Run Conditions for the Distortion Tests
 
V V 
Screen 
No. of 
Blades 
Stagger 
(degrees) 
x avg 1-D 
(ft/sec) ! 
x avg 15 
(ft/sec) RPM Avg 
Avg Ap/ pv 2 
Tx avg 
Avg i 
(degrees) 
1-cycle - - 67.34 67.96 _ 
1-cycie 12 35 66.32' 65.78 721 1.360 -0.071 0.91 
1-cycle 12 35 65.08 64.76 766' 1'.256 -0.004 3.17 
1-cycle 12 35 64.57 64.06 948 1.007 0.323 9.51 
1-cycle 12 35 68.10 67.10 1171 0.860 0.815 14'.04 
1-cycle 12 45 62.25 60.55 996 0.924 -0.213 1.95 
1-cycle 12 45 64.03 63.60 1096 0.864 0.049 3.86 
1-cycle 12 45 66.46 65.68 1245 0.789 0.310 6.41 
1-cycle 12 45 67.69 65.77 1328 0.754 0.504 7.72 
j 
1-cycle 12 55 68.45 66.21 1464 0.691 -0.316 0.04 
1-cycle 12 55 61.85 .60.83 1556 0.588 ' -0.102 4.34 
1-cycle 12 55 65.70 62.92 1830 0.531- 0.877 6.88 
1-cycle 12 55 61.74 59.59 1972 0.463 1.610 10.05 0 
Table D.l Pun Conditions for Qbe Distogt4op Tests (Continued)
 
No. of 

Screen Blades 

2-cycle ­
2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

2-cycle 12 

'Stagger 

(degrees) 

-
35 

35 

35 

35 

45 

45 

45 

45 

55 

55 

55 

55 

V 

x avg I-D 
(ft/sec) / 
67.53 

66.44 

67.26 

66.77 

68.21 

67.93 

63.65 

68.59 

66.91 

66.44 

67.49 

62.87 

63.99 

V
 
x avg 15 

(ft/sec) 

67.88 

65.59 

66.52 

64.96 

66.37 

66.64 

62.88 

67.07 

65.63 

63.74 

65.74 

59.26 

61.43 

RPM 

724 

768 

951 

1175 

999 

1099 

1248 

1331 

1468 

1560 

1836 

1977 

Avg 

1.357 

1.295 

1.038 

0.858 

1.005 

0.856 

0.813 

0.743 

0.669 

0.640 

0.506 

0.479 

Avg AP/,2vv Avg i 
T x avg (degrees) 
_ 
-0.051 1.25 
0.014 2.55 
0.330 8.75 
0.858 14.21 
-0.148 - 0.38 
0.068 4.25 
0.345 5.70 
0.568 8.19 
-0.279 1.03 
-0.034 2.22 
1.007 8.07 
1.584 9.36
 
Table D.1 Run to~iditidns fdr t e DistortLon Tests (dontinucd) 
No. of Stagger Vx avg 1-D Vx avg 15 Avg A'k 2 Avg i 
Screen Blades (degrees) (ft/sed) / (ft/sec) R M Avg 4 PT/ PVx avg (degrees) 
4-cycle - - 65.91 66.18 
4-cycle 12 35 63.44 62.74 706 1.329 -0.051 1.65 
4-cycle 12 35 62.57 62.13 750 1.233 0'.017 3.71 
4-cycle 12 35 64.15 63.14 928 1.022 0.343 9.11 
4-cycle 12 35 62.57 66.52 i147 0.807 0.978 15.94 
4-cycle 12 45 64.40 63.31 975 0.977 -0.119 0.42 
4-cycle 12 45 65.80 65.15 1073 0.907 0.071 2.58 
4-cycle 12 45 63.97 62.92 1218 0.777 0.411 6.96 
4-cycle 12 55 62.14 59.96 1433 0.641 -0.260 2.15 
4-cycle 12 55 63.63 62.17 1523 0.618 -0.017 3.12 
4-cycle 12 55 65.05 62.68 1791 0.537 0.925 6.66 
4-cycle 12 55 66.28 63.70 1930 0.508 1.453 7.97 
Table D.1 Run Conditions for. the; Distortion Tests (Continued) 
V V 
No. of Stagger x avg I-D Vx avg 15 Avg ApTN xv Avg i 
Screen Blades (degrees) (ft/sec) / (ft/sec) RPM Avg A TAp (degrees) 
6-cycle - - 68.99 69.22 
6-cycle 12 35 65.66 64.69 739 1.314 -0.045 1.97 
6-cycle 12 35 67.57 66.67 785 1.273 -0.031 2.82 
6-cycle 12 35 64.74 65.32 '972 0.985 -0.385 -10.18 
6-cycle 12 35 64.04 69.63 1200 .0.789 1.006 16.52 
6-cycle 12 45 66.79 64.89 1020 0.968 -0.129 0.69 
6-cycle 12 45 67.64 65.71 1123 0.891 0.064 3.10 
6-cycl& 12 45 64.94 63.78 1275 0.753 0.430 7.84 
6-cycle 12 45 65.97 66.50 ,1360 0.717 0.647 9.18 
6-cycle 12 55 69.27 67.03 1500 ,O.683 -0.135 0.51 
6-cycle 12 55 63.79 62.05 .1594 0.592 0.122 4.24 
6-cycle 12 55 69.33 . 66.13 1875 , 0.547 0.949 6t20 
6-cycle 12 55 68.45 .65.22 2020 0.501 1.517 8.27 , 
0 
Table D.1 Run Conditions for the Distortion Tests (ContInued)
 
Screen 
No. of 
Blades 
Stagger 
(degrees) 
Vx'avg ND 
(ft/sec) 
V '15x av liDx av 15Avg 
/ (ft/sec) RPM Avg 
APT/ pVx av 
T x avg 
Avg i 
(degrees) 
900 sq. -
- 67.19 67.38 
90' sq. 12 35 64.72 64.45 720 1.329 -0.036 1.75 
90* sq. 12 35 63.98 63.98 764 1.238 0.024 3.72 
90* sq. 12 35 63.12 62.63 946 0.987 0.373 10.23 
900 sq. 12 35 67.80 66.85 1169 0.858 0.828 14.19 
900 sq. 12 45 65.19 63.80 994 0.970 -0.193 0.63 
90' sq. 12 45 65.36 64.46 1094 0.883 0.055 3.32 
900 sq. 12 45 62.63 62.32 1242 0.746 0.404 8.10 
90* sq. 12 45 64.31 64.41 1325- 0.718 0.563 9.14 
900 sq. 12 55 62.93 59.85 1461 0.637 -0.321 2.34 
900 sq. 12 55 64.20 62.32 1552' 0.612 
-0.033 3.40 
900 sq. 12 55 63.53 60.46 1826 0.514 0.941 7.70 
90' sq. 12 55 .64.86 62.21 1967 0.488 1.492 8.93 
O 
Table D.1 Run Conditions for the Distortion Tests (Continued) 
No. of' Stagger Vx avg 1-D x avg 15 Avg Ap N v 2 Avg i 
Screen Blades (degrees) (ft/sec) 1(ft/sec) RPM Avg T x avg (degrees) 
1800 sq. - - 66.89 67.20 -- _ 
1800 sq. 12 35 67.19 66.12 717 1i386 -0.064 0.71 
1800 sq. 12 35 66.41 65.56 761 1.290 -0.009 2.66 
1800 sq. 12 35 65.32 64.01 942 1.025 0.322 9.15 
1800 sq. 12 35 67.95 67.24 .1164 0.863 0.801 '14.05 
1800 sq. 12 45 66.60 65.55 989 0.996 -0.162 - 0.07 
1800 sq. 12 45 66.33 65.44 1089 0.901 0.064 2.77 
1800 sq. 12 45 66.86 65.57 1236 0.800 0.349 6.14 
1800 sq. 12 45 65.96 65.06 1319 0.739 0.577 8.33 
1800 sq. 12 55 65.15 62.20 1454 0.662 -0.321 1.27 
1800 sq. 12 55 65.80 63.95 .1545 0.630 -0.042 2.59 
1800 sq. 12 55 61.46 57.52 1818 0.500 1.016 8.40 
1800 sq. 12 55 62.61 59.62 1958 0.473 1.574 9.65 
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